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Project Objectives: 

The proposed research will develop systematic sets of uniaxial and multiaxial experimental data 
at a very high temperature (850-950oC) for Alloy 617. The loading histories to be prescribed in 
the experiments will induce creep-fatigue and creep-ratcheting failure mechanisms. These 
experimental responses will be scrutinized in order to quantify the influences of temperature and 
creep on fatigue and ratcheting failures. A unified constitutive model (UCM) will be developed 
and validated against these experimental responses. The improved UCM will be incorporated 
into the widely used finite element commercial software packages ANSYS. The modified 
ANSYS will be validated so that it can be used for evaluating the very high temperature ASME-
NH design-by-analysis methodology for Alloy 617 and thereby addressing the ASME-NH 
design code issues. 

Year 5-4th Quarter and Final Report: 

This report is stating the overall, as well as, the year 5-4th quarter accomplishments. 

1. Experimental Task and Outcomes: 

A total of 125 uniaxial and multiaxial fatigue, fatigue-creep, and ratcheting isothermal 
experiments for the temperature range 25-950 degree centigrade were conducted in this project. 
The acquired data were critically analyzed to understand the high temperature fatigue-creep-
ratcheting responses of Alloy 617 and to develop an experimentally validated advanced unified 
constitutive model (UCM). Based on the Alloy 617 material experiment outcomes, three MS 
theses and seven conference papers have been published. Two journal paper manuscripts are 
developed (attached with this report) and will be submitted to archival journals for publications. 
Such a broad and systematically developed data set was not available in the past and hence will 
be extremely beneficial for developing ASME Design Code provisions for Alloy 617 and unified 
constitutive models. The data set will be extremely beneficial in designing very high temperature 
components, such as, intermediate heat exchanger components under thermo-mechanical fatigue 
loading. 

2. Unified Constitutive Model Development Task and Outcomes: 

A modified unified constitutive model (UCM) has been developed based on the Chaboche non-
linear kinematic hardening model by incorporating advanced modeling features for simulating 



   
 

uniaxial and multiaxial fatigue and ratcheting responses. Based on the knowledge learned from 
the experimental task, various advanced modeling features were included in the UCM. These 
modeling features included multiple strain range, static recovery, multiaxial ratcheting and 
nonpropotional cyclic hardening/softening for simulating Alloy 617 responses for a wide 
temperature range and loading rates. With the modified UCM it was possible to simulate the 
whole set of the uniaxial and multiaxial fatigue-ratcheting responses. Two PhD and one MS 
students dedicated their efforts in developing the robust UCM. In addition to several conference 
papers, one manuscript on improved UCM for uniaxial fatigue and fatigue-creep response 
simulations is already developed (attached with this report) for archival journal publications. The 
second manuscript on improved UCM for multiaxial fatigue and ratcheting response simulations 
is under development and will be completed by mid Nov of 2014. The recent ASME Pressure 
Vessels and Piping (PVP) Conference paper and results of the UCM multiaxial response 
simulation are presented below to demonstrate the progresses made over the last quarter. The 
robust UCM developed in this task was not available earlier and hence outcome of this task is a 
significant accomplishment of this project. 

Simulation of multiaxial fatigue-ratcheting responses of Alloy 617 using the Advanced UCM: 

It has been demonstrated earlier that the currently available UCM in the commercial finite 
element software packages cannot simulate multiaxial fatigue-ratcheting responses of Alloy 617 
developed under the loading histories considered in this project (see Fig. 1).  Hence, multiaxial 
ratcheting and nonproportional cyclic hardening-softening modeling features were incorporated 
into the UCM (see the recent ASME PVP conference attached with this report). With the 
modified UCM it was possible to simulate the whole set of the multiaxial fatigue-ratcheting 
responses as shown in Figs. 2-4, where it is observed that the stress-strain responses, cyclic 
hardening/softening of equivalent stress amplitude and axial strain ratcheting responses under 
different temperature levels, and shear strain amplitudes and rates are simulated with very good 
accuracy. The nonproportional cyclic hardening responses obtained under 90-degree out of phase 
(MOP) loading cycles and subsequent softening under axial strain cycle for different temperature 
levels, strain amplitudes and rates are also simulated well as shown in Fig. 5. Detailed of the 
modeling can be found in the recently published article in the ASME PVP conference proceeding 
(included with this report). 

 

Fig. 1. Loading histories prescribed in the multiaxial experiments Alloy 617, (a) cyclic shear 
strain under steady tensile stress (MR1), (b) cyclic tensile stress and shear strain along a bow-tie 
path (MR2), and (c) axial and shear strain cycle along a circular path (MOP, Phase II), with 
uniaxial strain cycles before and after phase II (Phase I and III). 
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Fig. 2. Experimental and simulated stress-strain responses under MR1 multiaxial loading path at 
950oC, (a) shear stress-strain (equivalent) experimental response, (b) axial-shear strain 
(equivalent) experimental response, (c) shear stress-strain (equivalent) simulation response, (d) 
axial-shear strain (equivalent) simulation response. 
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Fig. 3.  Experimental and simulated responses for MR1 load path at different temperature and 
shear strain rate, (a) shear stress amplitude (equivalent), (b) axial strain ratcheting rate, (c) Shear 
stress amplitude (equivalent), (d) axial strain ratcheting rate. 
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Fig. 4.  Experimental and simulated responses for MR2 load path at different temperature 
and shear strain rate, (a) shear stress amplitude (equivalent), (b) axial strain ratcheting rate, 
(c) Shear stress amplitude (equivalent), (d) axial strain ratcheting rate. 
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Fig. 5. Experimental (Exp) and simulated (Sim) axial stress amplitude responses, demonstrating 
cyclic hardening/softening under uniaxial and multiaxial loading for the three phases of the MOP 
multiaxial loading path under different temperature levels, and shear strain amplitudes and rates.  

 

3. Task on Incorporation of the Modified UCM into Finite Element Software ANSYS 

Development of USERMATs subroutine in order to implement the modified UCM into the finite 
element software ANSYS has been complete during the last quarter. Such a USERMAT with 
advanced UCM will allow address of ASME-NH Code issues relevant to very high temperature 
component design using Alloy 617. Subroutines are developed for both the solid (USERMAT3D) 
and shell (USERMATPS) elements in ANSYS. Radial return numerical scheme is incorporated 
for performing the local (integration point) computations. Thus large loading increment can be 
prescribed for response simulations with good accuracy and efficiency. After convergence of the 
UCM computation at the local level, the updated variables are transferred to ANSYS for 
computation and iterative equilibrium check at the component or structure level. To ensure the 
quadratic convergence of the global Newton iteration scheme, a tangent operator was calculated 
based on the converged values at the material level and transferred to ANSYS. The derivation of 
this consistent tangent operator for both solid and shell elements, and relevant numerical issues 
have presented in the last quarterly report. These USERMAT subroutines in ANSYS will allow 
design by inelastic analysis following the procedure in ASME-NH much more accurately than 
was possible before. 
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Abstract 

 Next Generation Nuclear Plants (NGNPs), in addition to generating electricity, aim to 

include an adjacent hydrogen production facility that will use heat generated by the reactor in 

the hydrogen production process. To accomplish this goal an Intermediate Heat Exchanger 

(IHX) will be required to transfer the heat. This IHX will be subjected to a wide variety of 

low-cycle fatigue loadings at high temperatures and thus alloy 617, a high temperature 

corrosion resistant nickel-chromium alloy, has been chosen as a potential material candidate. 

However, the current ASME Code does not include high temperature design provisions for 

alloy 617. Hence, towards the goal of incorporating alloy 617 into the ASME Code, a broad 

set of fatigue and fatigue-creep tests have been performed. This paper endeavors to present 

the wide range of material responses observed under a variety of uniaxial loading conditions 

to demonstrate the complexity of the high temperature low-cycle fatigue responses. In 

addition to ASME Code provision development, these responses will be used to develop an 

experimentally validated unified viscoplastic model which is presented in the next chapter. 
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1.  Introduction  

 Next Generation Nuclear Plants (NGNP) will be used for the production of both 

electricity and hydrogen [1]. To increase the efficiency of electrical power generation and to 

allow for the efficient production of hydrogen an increase in the reactor outlet gas 

temperature from previous generations is required. The current design calls for the outlet gas 

temperature to be in the range of 850-950°C. In comparison, previous generations of nuclear 

power plants had an outlet gas temperature in the range of 300-550°C. Transferring heat to 

the hydrogen production plant will require an Intermediate Heat Exchanger (IHX). In this 

role, the IHX will be exposed to both high temperatures and an impure helium environment 

[2]. Due to reactor start-ups and shut-downs and power transients, the IHX will be subjected 

to low-cycle, thermomechanical fatigue loading in the temperature range 20o-950oC. To meet 

these extreme loading conditions, alloy 617, a high temperature corrosion resistant nickel-

chromium alloy, has been chosen as the primary candidate material; however, the current 

ASME Code does not include high temperature design provisions for alloy 617.  

 The design of the IHX component will require a broad understanding of the failure 

responses of alloy 617 that occur at high temperatures, especially those involving creep and 

fatigue interactions which occur under low-cycle fatigue (LCF) loading. This in turn will 

require a large set of high temperature low-cycle fatigue data of alloy 617 which is not 

currently available. Furthermore, a unified constitutive model (UCM) validated against a 

broad set of experimental data will be needed for design by analysis following the ASME 

Code subsection NH methodologies. So far, very few experimental investigations of the LCF 

behavior of alloy 617 have been made [3]. The three main experimental investigations that 

have been completed previously are: The original Huntington investigation [4], High 

Temperature Gas Reactor (HTGR) and General Electric (GE) collaboration [5-6], and the 

German High Temperature Gas Reactor program. While low cycle fatigue and fatigue-creep 

data was generated from these programs, this data is not accessible to others for further 

investigation. 

 A large portion of the above investigations focused on the development of “typical” 

material parameters such as yield strength, ultimate tensile strength, elongation, fatigue life, 

etc. [5,7]. Particular attention was paid to developing fatigue life relationships for the alloy 

[8]. However, as stated earlier, the development of an experimentally validated UCM 
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following ASME Code provisions and methodologies will require a broader set of responses. 

The variation of the stress-strain hysteretic response as well as the variation of fatigue life as 

a function of strain or stress range, strain or stress rate, temperature, and hold time are 

important considerations. Furthermore, the influences of cyclic hardening/softening and 

strain ratcheting need to be understood clearly for safe and economic design of IHX.  

 Stemming from the German HTGR investigation, strain-controlled fatigue and fatigue-

creep responses of alloy 617 at elevated temperatures with and without a simulated reactor 

environment were investigated [9-10]. Regarding fatigue, three important responses were 

discussed: first, at 850°C, the fatigue life decreases with decreasing applied strain-rate; 

second, the stress amplitude decreases with a reduction in applied strain-rate; third, the stress 

amplitude decreases with an increase in the applied temperature. It is also mentioned that 

dynamic strain aging (DSA) was observed at 750°C (for one test) and at 850°C for tests 

performed at higher strain-rates however a definition of what constituted a higher strain rate 

was not given.. The fatigue-creep portion of the investigation was performed at 950°C with 

three applied fatigue-creep waveforms: an applied tensile peak strain hold, a compressive 

peak strain hold, and a combined tensile and compressive peak strain hold. Here applied hold 

times varied from 5s to 120 min. Overall it was found that with an increase in the duration of 

the applied strain hold there was a continuous decrease in the observed fatigue life. 

Furthermore, it was reported that tensile holds were observed to be more damaging than 

either compressive or a combined tensile and compressive peak strain hold. At this point, it 

should be noted that this investigation has led some to assume that the applied tensile strain 

hold is always the most damaging case; i.e. it leads to the greatest reduction in fatigue life for 

alloy 617 in general. However, as will be discussed subsequently, this is not always the case. 

 Currently the NGNP program at the Idaho National Laboratory (INL) has been 

developing a large set of fatigue and fatigue-creep responses of alloy 617 for the temperature 

range of 25-1000°C [1-2, 10-13]. In terms of fatigue it has been found with increasing 

applied strain range there is a reduction in fatigue life [11]. At 850°C additional hardening 

was reported with increasing applied strain range while additional softening was observed at 

950°C. In terms of fatigue-creep, it was found that the addition of a tensile strain hold always 

caused a reduction in the fatigue life. Furthermore, the fatigue life decreased with increasing 

hold time, up to a hold time of 10 min. In contrast with the result found in Rao et al, a further 
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increase in hold time did not show a further decrease in fatigue life [9-10]. The INL research 

effort also performed fatigue-creep tests with both compressive and tensile-compressive peak 

strain holds. Contrary to the observations in Rao et al. [9-10], the tension only hold was not 

the most damaging fatigue-creep waveform [13]. However, these tests were performed at a 

lower strain range (0.3% instead of 0.6%). Therefore, it is possible that the most damaging 

fatigue-creep loading history could depend on the applied strain range. 

 During plant start-ups and shut-downs, the IHX be subjected to in-phase or out-of-phase 

thermo-mechanical fatigue loading (TMF). During plant operation the IHX will be subjected 

to high temperature dwell periods between shut-downs for maintenance and refueling. Under 

such loading, the accumulated creep damage is significantly higher than the accumulated 

fatigue damage. The influence of such creep and fatigue interactions on the fatigue life of 

high-temperature components is not currently understood. This failure mechanism in which 

creep damage is more significant than the fatigue damage will be referred to as creep-fatigue 

in this study. On the other, fatigue damage that is more significant than creep damage will be 

referred to as fatigue-creep. This occurs when significant fatigue damage is developed over a 

large number of cycles whereas a lesser degree of creep damage is developed during short 

duration stress or strain holds. Tests with a full simulated creep-fatigue life are not feasible 

due to the long hold times and high costs associated with testing. Consequently, a rational 

experimental program with feasible test times is required. Additionally, it is likely that the 

IHX will experience multiaxial loads over the course of its operation; however, the effect of 

multiaxial loads on the fatigue response of alloy 617 has not been previously investigated. In 

addition, influence of strain ratcheting both under uniaxial and multiaxial cyclic loading on 

fatigue life of alloy 617 will be needed for design development of NGNP IHX. 

 As mentioned previously, the NGNP program at the INL has already produced a broad 

set of fatigue and fatigue-creep responses. However, a data set sufficient for ASME 

codification of alloy 617 and for the development of an experimentally validated unified 

constitutive model has not been available. The ASME design code subsection NH requires a 

constitutive model capable of accurate non-linear analysis for design by analysis. Thus an 

experimental program for developing a broad set of low-cycle fatigue and fatigue-creep 

responses under both uniaxial and multi-axial loading conditions has been undertaken. This 

program is a subset of the experiments required for the ASME codification of alloy 617 listed 
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in the INL report [1]. The data set created includes tests performed at temperatures ranging 

from 25-950°C, at two strain-rates, over multiple strain ranges, and with and without a one 

minute peak tensile hold. This data set will allow for UCM to be developed for the prediction 

of fatigue, fatigue-creep, and ratcheting responses over a wide variety of temperatures, strain 

or stress rates, strain or stress ranges, and with and without a peak tensile hold. This chapter 

will present and discuss only the uniaxial fatigue and fatigue-creep responses. 
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temperature. All fatigue experiments were performed in accordance with ASTM E606-04 

and fatigue-creep experiments with ASTM E2714-09. 

 

Table 2 – Alloy 617 Composition in wt. % 

Ni C Cr Co Mo Fe Al Ti Si Cu Mn 

bal. 0.05 22.2 11.6 8.6 1.6 1.1 0.4 0.1 0.04 0.1 

 

 2.3 Parameters for Discussion of Fatigue and Fatigue-Creep Responses 

 In the following discussions references will be made to several different hysteretic 

responses of alloy 617. To facilitate discussion of the material responses it is convenient to 

define several useful parameters of hysteretic responses. Fig 3a presents a typical fatigue 

hysteresis loop performed at 950°C. Fig. 3b presents a typical fatigue-creep test also 

performed at 950°C with a one minute tensile strain hold. In these figures, three parameters 

of interest are: the maximum stress (max), the minimum stress (min), and the relaxed stress 

(r). max and min are used to define the stress amplitude, σa, and the mean stress, σm, 

through equations 1 and 2. σa is used for displaying the degree of cyclic hardening/softening 

and σm the shift of the hysteresis loop or mean stress relaxation with cycles. The relaxed 

stress, Δσr, and the normalized relaxed stress, Δσr-n, are determined using Eqns. 3 and 4 and 

are used to illustrate the variation of the relaxation response with cycles. 

      

 Fig. 3b:  Typical fatigue-creep stress-strain 
hysteresis loop 

Fig. 3a:  Typical fatigue stress-strain 
hysteresis loop 
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3. Results 

 3.1 Strain-Rate Dependence 

 Ten of the 16 UF1 tests outlined in Table 1 were performed at a strain range of 0.6%, 

at two strain-rates, 0.1% s-1 and 0.04% s-1, and across five temperatures, 25, 650, 750, 850, 

and 950°C. For room temperature tests (25°C) a typical uniaxial stress-strain response is 

shown in Fig. 4a. σa and σm responses are plotted as a function of number of cycles, N, for 

the two strain rates investigated, 0.1% s-1 and 0.4% s-1, in Fig. 4b. These figures demonstrate 

the rapid cyclic hardening observed over the initial 100 cycles followed by a shift to slow and 

almost steady rate of cyclic hardening. In Fig. 4b, the difference between the σa and σm 

responses are small to none, which indicates no effect of strain-rate on alloy 617’s response 

for the two strain rates prescribed. Similar to above, for 650°C,  a typical stress-strain 

response is shown in Fig. 5a and the σa and σm responses in Fig. 5b. Interestingly a large 

change in the cyclic response is seen with the increase in temperature. At 650°C three phases 

of hardening are observed: rapid initial hardening lasting about 100 cycles, medium rate 

hardening lasting approximately 1500 cycles, and slow steady softening seen for the rest of 

the test duration; A similar proportion of the hardening occurs in the first and second phases. 

Furthermore, while the initial σa at 650°C is about 100 MPa lower than the initial σa at 25°C, 

enough hardening occurs at 650°C so that the maximum σa seen just before failure is greater 

than the maximum σa
 at 25°C. Lastly it is noted that a slightly reduced σa was observed at the 

lower rate of 0.04% s-1 toward the end of the cycle life. For both these two temperatures the 

mean stress remained close to zero, which indicates symmetric hysteresis loops. 
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In an investigation by Rao et al. [10] fatigue tests were performed at 750, 850, and 

950°C at a strain range of 0.6% with lower strain-rates than those investigated in this study. 

Fig. 5a: UF1 hysteresis response at 
650°C 

Fig. 5b: UF1 stress amplitude response at 
650°C 

Fig. 4a: UF1 hysteresis response at 
25°C 

Fig. 4b: UF1 stress amplitude response at 
25°C 
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While the data developed in the present study alone suggests a small strain-rate effect for the 

temperatures of 750 and 850°C, when it is compared to the data developed from the Rao et 

al. [10], a broader picture of the material response is developed as shown in Figs. 6-8. Note 

that test performed at strain rates of 0.004% s-1 and 0.0004% s-1 have been digitized from 

[10]. In Fig. 6, upon reducing the strain-rate from 0.1% s-1 to 0.04% s-1 no significant 

difference in the responses up to about 100 cycles are observed, whereas a slight reduction in 

the strength is seen in the subsequent cycles accompanied by a reduction in fatigue life. Upon 

further reduction of the strain-rate to 0.004% s-1 a more prominent drop in strength is seen 

accompanied by an even greater decrease in fatigue life. This trend is continued at 850°C as 

shown in Fig. 7, where a small reduction in strength and fatigue life is seen between the two 

strain-rates of 0.1% s-1 and 0.04% s-1. However, with reduced strain-rates to 0.004% s-1 and 

0.0004% s-1, a much more prominent reduction in strength, which indicates strain-rate effect, 

and reduction in fatigue life are observed. In addition, at 850°C, the cyclic hardening 

response seen at the two higher strain-rates switches to a cyclic softening response at the 

lower two rates. At 950°C, a strong strain-rate dependence is seen from the three rate tests 

plotted in Fig. 8. Interestingly, the fatigue life from the 0.04% s-1 test was higher than that 

from 0.1% s-1 test. It should be noted though no repetitions are available to confirm this 

trend. Upon further reduction in strain-rate however, the reduction in fatigue life follows the 

same trend seen at lower temperatures. 

 

    

 Fig. 6: Stress amplitude response at 750°C 
(0.004% s-1 data from [10])  

Fig. 7: Stress amplitude response at 850°C 
(0.004 and 0.0004% s-1 data from [10])  
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Separate from the other temperatures tested, 850°C displays a different strain-rate 

dependent response as discussed in the following. At a strain-rate of 0.1% s-1, there are a 

large amount of serrations observed in the hysteresis curves as shown in Fig. 9. However, 

these serrations are only present at the lower strain-rate of 0.04% s-1 during the first few 

initial cycles as shown in Fig. 10. In addition to the lack of serrations, the overall nature of 

the hysteresis loop changes with decreasing strain-rate as follows. For the test with the strain-

rate of 0.1% s-1 the hysteresis loops show a well-defined elastic region upon loading and 

unloading. On the other hand, for the strain-rate of 0.04% s-1 after the initial few cycles, the 

well-defined elastic region disappears and afterwards no discernible elastic region is present. 

This similar response is more clearly demonstrated by the hysteresis loops obtained from the 

950°C test as shown in Fig. 11. This feature of the hysteresis loop is important for 

developing and determining UCM parameters needed for simulating hysteresis loops as 

presented in the next chapter. 

 

Fig. 8: Stress amplitude response at 950°C 
(0.004% s-1 data from [10])  
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 3.2 Viscous Response at High Temperatures / Definition and Evolution of Overstress  

 With increasing temperature the material response of alloy 617 becomes 

progressively more viscous in nature. The viscous behavior manifests itself as stress 

relaxation under strain-controlled loading, while it manifests itself as creep deformation 

under stress-controlled loading. Currently no exact temperature has been defined which 

delineates between rate-independent and viscous, or rate-dependent responses for alloy 617. 

Fig. 9: Hysteresis loops at 850°C at a strain 
rate of 0.1% s-1 

Fig. 10: Hysteresis loops at 850°C at a 
strain rate of 0.04% s-1 

Fig. 11: Hysteresis loops at 950°C at a 
strain rate of 0.1% s-1 
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In Sec. 3.1 it was demonstrated that the rate response is significant at temperatures equal to 

or exceeding 750°C. However the rate response manifests itself differently at different 

temperatures. 

 In general, the hysteresis curves show an initial linear elastic response followed by 

subsequent nonlinear plastic response. As the temperature increases above 850oC, the elastic 

response progressively diminishes until it becomes practically nonexistent. When this occurs 

the material can be considered viscous [14]. This phenomenon is depicted in Fig. 12 where 

three representative hysteresis loops  (10th cycle) from tests performed at 750°C, 850°C, and 

950°C are compared. The loops are plotted in axial stress-plastic strain space; hence the 

elastic region is represented by a vertical linear segment upon load reversal. From this figure 

it is noted that at 750°C a clear linear elastic region exists. Upon increasing the temperature 

to 850°C, the linear region, though it exists, becomes more difficult to define. Moreover, the 

size of the elastic region becomes a function of the load reversal direction; the tensile 

direction linear region can be more easily defined than the compression direction linear 

region. Finally, upon reaching 950°C the linear region of the hysteresis loop in Fig. 12 

disappears completely.  

 In addition to the lack of a linear region upon load reversal, the response at 950°C 

also presents another intriguing phenomenon, that is, upon load reversal there is a period 

during which the plastic strain increases while total strain and stress decreases (Fig. 12). This 

phenomenon is also present to a lesser degree at 850°C. This observation allows for a 

physical meaning to be attributed to the modeling variable of overstress. The overstress in 

viscoplastic theory represents the degree to which a stress state exists outside the yield 

surface. This quantity can be used as the basis for the determination of the creep strain-rate. 

In Fig. 13 the graphical process for determining overstress is presented. Here point a 

represents the stress at the peak tensile strain (not necessarily the peak stress) and point b the 

stress at the peak plastic strain; note that this figure is plotted in plastic strain space. The 

stress drop between points a and b can then be said to be a close approximation of the 

overstress, v. This result is discussed further in the next chapter detailing the constitutive 

modeling of alloy 617. 
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 3.3 Multiple-Strain Range Test Responses 

 It has long been known that the applied strain range affects the cyclic behavior of 

metals [15-19 and many others]. In Landgraf et al. [17], two loading protocols were 

suggested to investigate the strain-range dependent cyclic behavior of stress and strain: an 

increasing strain range test and an incremental step strain test. The former loading history has 

elucidated an interesting and complex behavior of metallic materials, namely the dependence 

of the cyclic hardening/softening behavior on the applied strain range. For example, Fig. 14 

shows the hysteretic loops from such an increasing strain range test, UF1-MSR in Table 1, at 

25oC; the corresponding stress amplitude response is shown in Fig. 15. From these figures, 

two important observations can be made: first, with cycles at a given strain range there is a 

tendency for saturation of the stress amplitude response; second, with a further increase in 

the applied strain range, additional cyclic hardening is observed.  A similar response was also 

demonstrated by many earlier studies [17-19 and many others]. From this it can be concluded 

both that an increase in the applied strain range can be accompanied by a change in the cyclic 

hardening/softening responses and that the saturation of the cyclic hardening/softening 

responses at a given strain range does not necessarily indicate a saturated response at all 

strain ranges. 

 

Fig. 12: Plastic hysteresis loop response at 
750°C, 850°C, and 950°C 

Fig. 13: Plastic hysteresis loop response at 
950°C 
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As mentioned earlier and listed in Table 1 that a total of 10 multiple strain-range 

(UF1-MSR) tests have been performed. Here, four strain ranges were chosen to be applied 

over the course of the test, 0.3%, 0.6%, 0.8%, and 1.0%, 50 cycles for each range. These tests 

were performed over five temperatures, 25°C, 650°C, 750°C, 850°C, 950°C, and two strain-

rates, 0.1% s-1 0.04% s-1. In order to maintain the clarity of the results two summary plots 

Figs. 16 and 17 are presented. In Fig 16 the responses at the lower three temperatures are 

shown. Here it is observed that, as is described above, with successive cycling during each 

applied strain range the stress amplitude has a tendency to saturate. In addition, upon 

increasing the strain range, further hardening is seen. 

At the lower temperatures seen in Fig. 16 no strain-rate-dependence was observed 

during the course of the experiments at the two strain-rates tested. However, this does not 

indicate that there is no strain-rate dependence at these temperatures as was described earlier 

in the strain-rate dependence section. While there does not exist a large strain-rate effect 

between the strain-rates of 0.1% s-1 and 0.04% s-1, there does exist significant strain-rate 

dependence at lower strain-rates (see Fig. 6). Moving to the higher temperatures of 850°C 

and 950°, interesting changes in the responses appear as shown in Fig. 17. First, at 850°C, 

strain-rate dependence becomes evident at the two higher strain-ranges of 0.8% and 1.0%. 

Again, it should be noted that a more significant strain-rate response may be seen at lower 

strain-rates (see Figs. 7 and 8). Unlike the lower temperatures, at 950°C, instead of additional 

Fig. 14: Multiple strain-range test hysteresis 
loops at 25°C 

Fig. 15: Multiple strain-range test stress 
amplitude and mean stress responses at 25°C 
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hardening, softening was observed upon increasing the strain range from 0.3% and 0.6%. 

With further increase of strain range no additional softening or hardening were observed 

during the span of the MSR tests. Additionally, 950°C was the only temperature to show 

complete strain-rate dependence at the two strain-rates performed in this study: 0.1% s-1 and 

0.04% s-1.  

 

      

 

 

 

 3.4 Strain Range Dependence 

As part of the NGNP program, but not in this specific investigation, fatigue tests were 

performed at INL over strain ranges ranging from 0.3% to 3.0% at both 850°C and 950°C 

[11]. In order to present the full picture of alloy 617’s response some of the Wright et al. [11] 

results will be recapitulated here. In Figs. 18 and 19 the stress amplitude response is plotted 

as a function number of cycles for multiple strain ranges at both 850°C and 950°C, 

respectively. Examining Fig. 18 it is observed that the degree of initial cyclic hardening 

increases with increasing applied strain range after which a plateau is reached. In addition, 

with increasing applied strain range there is a progressive reduction in fatigue life. Upon 

increasing the temperature to 950°C the opposite stress amplitude response is seen in Fig. 19; 

alloy 617 softens with increasing applied strain range. For the lower two strain ranges, 0.3 

and 0.4%, the material exhibits a stabilized stress amplitude response, whereas, for the higher 

Fig. 16: Multiple strain-range test responses 
at 25°C, 650°C, and 750°C 

Fig. 17: Multiple strain-range test responses 
at 850°C and 950°C 
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three strain ranges, 0.6, 1.0 and 2% cyclic softening is observed, with an increase in the 

degree of cyclic softening with increasing strain range. Also, like 850°C, with increasing 

strain range, there is a continual decrease in fatigue life. 

 

      

 

 

 

Figures 20 - 23 aim to show the strain range response at different strain rates. In Fig. 

20 the stress amplitude response is shown for fatigue tests performed at 950°C for two 

different strain ranges, 0.4% and 0.6%, and at a strain rate of 0.1% s-1. In Fig. 21 the fatigue 

response for the same strain ranges and temperature are plotted for the lower strain rate of 

0.04% s-1. The main observation from these results is that as described previously with 

increasing applied strain range the fatigue life is reduced and cyclic softening in increased. 

No clear trend in the fatigue life was seen as a function of strain rate between the rates of 

0.1% s-1 and 0.4% s-1; however, as shown in Fig. 8, the much lower strain rate of 0.04% s-1 

shows a greatly reduced fatigue life. The same responses are shown in Figs. 22 and 23 except 

for fatigue-creep tests with a 1 min. tensile strain hold. In this case the strain range response 

still holds, i.e. that increasing applied strain range yields a greater degree of cyclic softening 

and a reduced fatigue life; however, again no clear trend was seen in the fatigue life as a 

function of strain between 0.1% s-1 and 0.4% s-1. 

 

Fig. 18: Stress amplitude response at 850°C 
at 6 separate strain ranges (Data from [11]) 

Fig. 19: Stress amplitude response at 950°C 
at 5 separate strain ranges (Data from [11]) 
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Fig. 20: Stress amplitude comparison of 
fatigue tests performed at a strain range of 
either 0.4% and 0.6%, strain rate of 0.1%  

s-1 and at a temperature of 950°C 

Fig. 21: Stress amplitude comparison of 
fatigue tests performed at a strain range of 
either 0.4% and 0.6%, strain rate of 0.04%  

s-1 and at a temperature of 950°C 

Fig. 22: Stress amplitude comparison of 
fatigue-creep tests performed at a strain 

range of either 0.4% or 0.6%, strain rate of 
0.1% s-1 and at a temperature of 950°C 

Fig. 23: Stress amplitude comparison of 
fatigue-creep tests performed at a strain 

range of either 0.4% or 0.6%, strain rate of 
0.04% s-1 and at a temperature of 950°C 
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3.5 Fatigue-Creep Responses 

 In total eight fatigue-creep tests have been performed as shown in Table 1. At 850°C 

four tests have been performed at a strain range of 0.6% and at two strain-rates, 0.1% s-1 and 

0.04% s-1 with one repeat. A typical fatigue hysteresis loop response at 850oC performed at 

0.1% s-1 is shown in Fig. 24a and typical fatigue-creep hysteresis loop response at 850°C in 

Fig. 24b. In Fig. 24c, stress amplitude responses are plotted as function of loading history 

(fatigue or fatigue-creep), strain rate, and number of cycles. It was found that at that at 850°C 

the application of a one minute tensile strain hold led to a reduced degree of initial cyclic 

hardening and increase cyclic softening later in the cycle life. In addition, a reduction in 

fatigue life was observed when a one minute tensile strain hold was applied at a strain rate of 

0.1% s-1; however, when a one minute strain hold was applied at 0.04% s-1 no trend in the 

fatigue life was observed with the available data.  

At 950°C four tests were performed in total, two at each strain range (0.4% and 0.6%) 

and at the two aforementioned strain rates.  A typical fatigue-creep hysteresis loop response 

from 950oC test is shown in Fig. 25a and stress relaxation as a function of time during the 

hold in Fig. 25b. It was observed that at 950°C first a period of quick relaxation occurred 

during the first 10-25 seconds followed by slow and gradual relaxation for the rest of the hold 

time. Note that the origin of the time axis in Fig. 25b corresponds to the beginning of the 

tensile strain hold. The stress amplitude responses at a strain range of 0.4% and 0.6% are 

plotted in Figs. 26a and b as function of the peak hold, strain rate and number of cycles. 

Similar to 850°C it was found that a one minute tensile strain hold led to increased cyclic 

softening (Figs. 26a and b). At 950°C the applied tension hold leads to an increased rate of 

cyclic softening at every strain-rate and strain range as seen in Figs. 25 and 26; however, at 

950°C a one minute tensile strain hold led to reduced fatigue lives at both strain rates 

investigated. 
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Fig. 24c: Stress amplitude comparison of 
fatigue and fatigue-creep tests performed 
at a strain range of 0.6%, two strain rates 

and a temperature of 850°C 

Fig. 24a: Stress-strain hysteresis response 
of fatigue test performed at 850°C, a 

strain range of 0.6%, and a strain rate of 
0.1% s-1. 

Fig. 24a: Stress-strain hysteresis response 
of fatigue test performed at 850°C, a 

strain range of 0.6%, and a strain rate of 
0.1% s-1. 

Fig. 24b: Stress-strain hysteresis response 
of fatigue-creep test performed at 850°C, 

a strain range of 0.6%, a strain rate of 
0.1% s-1, and a 1 min. tensile strain hold. 
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These results hold with the results found in Carroll et al. [12] where an applied 

tension hold led to an increase in the cycle softening response as well as decreased fatigue 

lives at 950°C. In Carroll et al. [12], fatigue-creep tests were performed at 950°C, at three 

strain ranges, 0.3, 0.6, and 1.0%, and with up to four tension strain hold durations of 3, 10, 

30, and 150 min. It was observed that the there was no further decrease in the stress 

Fig. 26a: Stress amplitude comparison of 
fatigue and fatigue-creep tests performed 
at a strain range of 0.4%, two strain rates 

and a temperature of 950°C 

Fig. 26b: Stress amplitude comparison of 
fatigue and fatigue-creep tests performed 
at a strain range of 0.6%, two strain rates 

and a temperature of 950°C 

Fig. 25a: Stress-strain hysteresis response 
of fatigue-creep test performed at 950°C, 

a strain range of 0.6%, a strain rate of 
0.1% s-1, and a 1 min. tensile strain hold 

Fig. 25b: Stress relaxation response during 
1 min. tensile strain hold for a fatigue-creep 

test performed at 950°C, strain range of 
0.6% and a strain rate of 0.1% s.1 
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amplitude response with hold times greater than 3 min. Additionally, it was found that at a 

strain range of 0.3% hold times greater than 3 min. did not cause a further decrease in fatigue 

life. At the larger strain ranges of 0.6% and 1.0%, no further decrease in fatigue life was 

observed with a hold times greater than or equal to 10 min. In contrast, Rao et al. [9] found 

that at 950°C and at a strain range of 0.6%, further increases in hold times always yielded 

further reductions in fatigue life for tensile, compressive, and tensile and compressive strain 

holds. 

From a constitutive modeling perspective it is important to quantify the degree of 

relaxation for a given applied hold time. In Fig. 27 the relaxed stress, as outlined in Fig. 3, is 

presented against number of cycles. In general, it is observed that with cycles, the magnitude 

of relaxation decreases with a similar trend as the cyclic softening response. Fig. 28 displays 

the normalized relaxed stress at 950°C as defined by Eqn. 4. It is interesting to note that 

initially the normalized relaxed stress is constant with cycles, whereas later in the cycle life 

the normalized relaxed stress decreases as shown in Fig. 28. This indicates that for a large 

portion of the cycle life the magnitude of relaxation is proportional to the peak tensile stress, 

but this proportionality breaks down towards the end of the cycle life as damage 

accumulates. 

 

      

 

 

 

Fig. 27: Relaxed stress against number of 
cycles for fatigue-creep tests performed at 

950°C. 

Fig. 28: Normalized relaxed stress against 
number of cycles for fatigue-creep tests 

performed at 950°C. 
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 3.6 Plastic Energy Dissipation 

 Currently, there exist many different types of life estimating techniques for predicting 

the fatigue life of various metals or alloys. These include the Manson-Coffin relationships for 

low-cycle-fatigue (LCF) and the stress-life (S-N) equations or curves for high cycle fatigue 

(HCF). However, these rules consider either the plastic strain range in the case of LCF or the 

peak stress for HCF and not the relationship between them. Therefore, to consider the distinct 

material hysteresis response, a composite fatigue failure criterion based on dissipated plastic 

strain energy has been suggested by many researchers [20]. Hence, it will be endeavored to 

elucidate the dissipated plastic strain energy response for alloy 617 such that future 

researches may use the information in the development of a dissipated plastic strain energy 

criterion for ASME codification. 

To determine the dissipated plastic strain energy the following approach was used: 

convert total strain into plastic strain and then calculate the incremental dissipated energy 

using the trapezoidal rule as shown in Eqn. 5. Then the total dissipated energy for that cycle 

was calculated as the summation of each increment as shown in Eqn. 6. The benefit of 

calculating the hysteresis area in plastic strain space is that the negative area experienced 

during unloading does not have to be removed. This allows for an incremental approach to be 

easily implemented. 
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Figs. 29 and 30 present the dissipated plastic energy per cycle as a function of 

temperature performed at a strain range of 0.6% and a strain-rate of 0.1% s-1. Here it is 

observed that, with increasing temperature, there is only a small degree of variation in the 

initial plastic strain energy dissipated for the temperatures of 25°C – 850°C. However, this 

trend does not hold at 950°C. Unlike the responses presented in Morrow [20], the plastic 

strain energy per cycle only reached a stable value at 25°C, which itself had a stable cyclic 

hardening response after the initial 100 cycles. Instead, every other temperature showed a 
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trend of decreasing plastic strain energy dissipation with successive cycling. At 650 and 

750°C this reduction is caused by the large degree of cyclic hardening which reduces the 

plastic strain range of the hysteresis loops. On the other hand, at 850 and 950°C, this 

reduction is due to the reduction in peak stress from cyclic softening. Therefore, it is noted 

that under strain control loading, the plastic strain energy response itself cannot be used to 

describe the cyclic hardening/softening behavior of the material. 

   

  

 

 

 

 

The effect of strain range on the plastic strain energy response can be seen in Fig. 31. 

Here with a reduction in strain range there is a significant decrease in the plastic strain energy 

response. Again, the cyclic plastic strain energy response varies relative to cyclic stress 

amplitude response for a given strain range. Thus a test showing a stable cyclic stress 

amplitude response will also show a stable plastic strain energy response, however, tests with 

a softening or hardening cyclic stress amplitude response will likely show a variable plastic 

strain energy response. 

 

Fig. 29: Plastic strain energy dissipation 
per cycle against cycles for fatigue tests at 

25°C, 650°C, 750°C. 

Fig. 30: Plastic strain energy dissipation 
per cycle against cycles for fatigue tests at 

850°C and 950°C. 
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All other parameters being equal, a test with an applied tensile strain hold will have a 

larger plastic strain range. Thus, under fatigue-creep loading, the plastic strain energy per 

cycle is initially higher compared to fatigue loading. But due to the cyclic softening observed 

under fatigue-creep loading, there is a reduction in the plastic strain energy observed per 

cycle. However, it is noted that cyclic softening by itself will not always cause a decreased 

plastic strain energy response. If the widening of the hysteresis loop is large enough to 

compensate for the lower stresses, a stable or even increasing energy response can exist. 

Finally, the applied strain-rate did not have a large effect on the plastic strain energy response 

at 950°C as shown in Fig. 32.  

In Table 3 the average plastic strain energy dissipated per cycle, total plastic strain 

energy dissipated, and the number of cycles to failure is shown for each applicable 

experiment performed. The average plastic strain energy per cycle was determined by taking 

the mean of each available data point up to the failure cycle. The total dissipated energy was 

taken as the integral of the plastic strain energy versus cycle curve. That is the summation of 

the plastic strain energy dissipated in each cycle. The dissipated energy for cycles that 

hysteretic data was not recorded for was taken as the average of the energy of the previously 

recorded cycle and the next recorded cycle. Again, the summation was terminated at the 

failure cycle for the given test. 

Fig. 31: Plastic strain energy dissipation 
per cycle against cycles comparison of 
strain range and hold time at 950°C 

Fig. 32: Plastic strain energy dissipation 
per cycle against cycles comparison of 

strain rate and hold time at 950°C 
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Table 3 – Plastic Strain Energy Response 

Temp. Hold Time Δε ε͘ Avg. ΔW Wf Nf 

(°C) Min. (%) (% s-1) MN-m/m^3 MN-m/m^3 (Cycles) 

650 - 0.6 0.1 1.04 4412 5895 

- 0.6 0.04 1.03 4935 6475 

750C - 0.6 0.1 1.01 2324 2725 

- 0.6 0.04 1.07 1953 2060 

850C 

- 0.6 0.1 1.05 1812 1685 

- 0.6 0.1 1.25 1826 1560 

- 0.6 0.04 1.16 1494 1355 

- 0.6 0.04 1.18 1311 1135 

1 0.6 0.1 1.47 1581 1165 

1 0.6 0.1 1.49 1389 985 

1 0.6 0.04 1.39 1880 1440 

1 0.6 0.04 1.39 1553 1180 

950 

- 0.4 0.1 0.54 1275 2375 

- 0.4 0.04 0.50 1104 2285 

- 0.6 0.1 1.04 1288 1285 

- 0.6 0.04 0.92 1205 1435 

1 0.4 0.1 0.71 1003 1615 

1 0.4 0.04 0.65 959 1700 

1 0.6 0.1 1.22 978 915 

1 0.6 0.04 1.11 914 980 

  

 3.7 Variability in Alloy 617 Responses 

 A concurrent study performed by the Idaho National Laboratory has generated a large 

set of high temperature, fatigue and fatigue-creep data including, in some cases, up to four 

repeat tests in the NDMASS data base [1-2, 11-13]. With the availability of repeat tests, 

some observations on the variability can be made. In general, variability in the fatigue life is 

expected. However, from a constitutive modeling perspective the variability of stress 

amplitude, cyclic hardening/softening, and hysteresis loop shape are equally as important. 

 Beginning with the fatigue tests at 850°C and in the data set developed by the INL for 

the NDMASS data base [1-12, 11-13], very little variation is seen in the stress amplitude, 

cyclic hardening/softening, and hysteresis loop shape responses. However, at the strain range 

of 0.6%, and a strain-rate of 0.1% s-1 this study has produced two additional tests with the 

same test parameters. Comparing the responses between the two data sets shows a larger 

variability than seen previously. In Fig. 33 the data set produced by the INL, depicted as 
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circles, triangles, and squares, shows a greater degree of cyclic hardening compared to 

responses from this study. However, it should be noted that the fatigue lived from both data 

sets did not vary markedly. 

 Moving to the fatigue tests performed at 950°C, a larger degree of variation in the 

material response is seen in repeated tests. In particular, the strain ranges of 0.3%, 0.6%, and 

1.0% displayed the largest variations. In each case there tends to be an outlying experiment 

that exhibits a markedly different stress amplitude response. For example, Figs. 34-36 show 

for the strain ranges of 0.3%, 0.6% and 1.0%, every test performed under the same loading 

conditions for that strain range. At the strain ranges of 0.3% and 0.6%, the outlying test 

exhibits a stronger stress amplitude response, and thus, can be excluded for modeling 

purposes. However, at 0.6%, the outlying test displays a softer stress amplitude response and 

cannot be excluded.  

 

   

 

 

Fig. 33: Strain amplitude response (SAR) 
at 850°C, at strain range of 0.6%, and a 

strain rate of 0.1% s-1 

Fig. 34: Strain amplitude response at 
950°C, at strain range of 0.3%, and a 

strain rate of 0.1% s-1 
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Fig. 35: SAR at 950°C, at strain range of 
0.6%, and a strain rate of 0.1% s-1

Fig. 36: SAR at 950°C, at strain range of 
1.0%, and a strain rate of 0.1% s-1 

Fig. 37: Strain amplitude response at 950°C, 
at strain range of 0.3%, and a strain rate of 

0.1% s-1 and a hold time of 3 min. 

Fig. 38: Strain amplitude response at 950°C, 
at strain range of 0.3%, and a strain rate of 

0.1% s-1 and a hold time of 10 min. 
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Thus far, only the variability in the fatigue response has been discussed.  In the 

present study, at 850°C, two fatigue-creep tests were repeated. But these tests did not show a 

significant degree of variation in their stress amplitude response. In contrast, at 950°C and in 

the data set developed at the INL a greater extend of variation in the material strength is 

observed for repeated tests. For example, in Figs. 37 through 38 the degree of variation in the 

material response is evident. Lastly, it should be noted that for all of repeated experiments 

performed between this investigation and the INL’s, only two experiments displayed a 

significant deviation in the trend of cyclic hardening or softening. Specifically, the two 

aforementioned fatigue tests conducted in this investigation which showed cyclic softening 

whereas the tests performed under the same conditions in the INL investigation showed a 

plateau of stress. Therefore, in general, it is observed that the average material strength in the 

duration of a test is the variable most subject to fluctuations and not the rate at which cyclic 

hardening or softening occurs. That is to say that the stress amplitude curves have the 

greatest tendency to shift along the stress axis without a change in slope.  

 

4. Conclusion 

  A broad range of low-cycle fatigue and fatigue-creep responses have been developed 

for alloy 617 for the temperature range 25°C to 950°C. It has been found at temperatures 

Fig. 38: Strain amplitude response at 
950°C, at strain range of 0.3%, and a strain 
rate of 0.1% s-1 and a hold time of 30 min. 
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ranging from 25°C to 750°C there exists significant cyclic hardening in the material 

response. As the temperature increases this response reduces to only to a slight degree of 

cyclic hardening at 850°C and, depending on the loading conditions, softening at 950°C. For 

the two loading rates investigated in this study alloy 617 displays relatively rate-independent 

behavior at temperatures less than or equal to 750°C. However at both 750°C and 850°C 

rate-dependence becomes much more prominent at lower strain-rates [10]. Alloy 617 shows 

strain range-dependence at all of the temperatures investigated. This manifested itself as 

increased hardening with increasing applied strain range from 25°C to 850°C; however, at 

950°C additional softening was seen with an increasing strain range. Higher applied strain 

ranges at all temperatures lead to shorter fatigue lives. The application of a tensile strain hold 

led to both a shorter fatigue life and increased cyclic softening at both 850°C and 950°C. 

Dissipated plastic strain energy per cycle was found to decrease with cycles for both the 

cyclic hardening responses seen at 25°C – 750°C and the cyclic softening response seen 

850°C and 950°C and thus cannot be related directly to the stress amplitude response. 

Furthermore, it was found that for all other testing parameters being constant, fatigue-creep 

tests displayed higher dissipated plastic strain energy per cycle in comparison to fatigue tests.  

Finally, at 950°C a large variability was seen in the cyclic stress amplitude response for 

repeated tests, especially under fatigue-creep loading. 
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Abstract 

One of the most challenging tasks in the design development of next generation nuclear plant 
(NGNP) is the design of intermediate heat exchanger (IHX) which is expected to operate in the 
temperature range of 800-950ºC. Nickel based Alloy 617 is one of the leading candidate 
materials for intermediate heat exchanger (IHX) of the next generation nuclear plant (NGNP). 
The temperature range is in the creep regime and system start-up, operation and shut-down 
cycles will induce low-cycle fatigue damages in the IHX components. Moreover, the state of 
stress at critical locations of IHX components can be multiaxial. Hence, a detailed understanding 
of the creep-fatigue and ratcheting responses of the material is required for the design of IHX. In 
this study, a broad set of high temperature multiaxial experiments were conducted on Alloy 617 
to investigate the creep-fatigue and creep-ratcheting phenomena. The results were critically 
evaluated to elucidate the effect of different test parameters on the multiaxial creep-fatigue and 
creep-ratcheting responses of the material. Experiments were conducted by prescribing different 
multiaxial loading histories in axial and shear directions at 25ºC, 650ºC, 850ºC and 950ºC with 
different strain rates and strain amplitudes. Experimental results revealed that the axial strain 
ratcheting and cyclic hardening/softening responses of Alloy 617 vary significantly with 
temperature levels, loading non-proportionality, strain rates and strain amplitudes indicating the 
dependence of creep-fatigue and ratcheting responses on these parameters. The examination of 
the Alloy 617 multiaxial experimental responses enables us to identify various modeling features 
that will be needed in a unified constitutive model (UCM) for simulation of the whole set of 
multiaxial responses developed in this study. 
 
Keywords: High Temperature Fatigue, Ratcheting, Fatigue, Creep-Fatigue, Mutliaxial 
Ratcheting, Unified Constitutive Modeling 
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1. Introduction 
 

 The US Department of Energy decided the high temperature gas cooled reactor (HTGR) 
design to be used in constructing the next generation nuclear plants (NGNPs). The HTGR will be 
able to provide low risk and cost effective nuclear power for electricity and hydrogen production. 
One of the critical components of the HTGR is the intermediate heat exchanger (IHX) which will 
carry most of the reactor thermal output to a secondary circuit, that will power a turbine for 
electricity generation. An additional heat exchanger will take approximately 10% of the thermal 
energy of the reactor and divert it as process heat to the hydrogen production plant (Corwin, 
2006; Wright, 2006; Wright et al., 2008). The anticipated operating temperature of the IHX 
ranges from 800-950ºC which is in the creep regime. Due to start-up, operation and shut-down 
cycles, the IHX will be subjected to thermo-mechanical low-cycle fatigue loading, with long 
hold periods at peak temperatures (within 850-950ºC), and pressure up to 8 MPa (Natesan et al., 
2009). Moreover, the state of stress at critical locations of IHX and other HTGR components can 
be multiaxial. Meeting such a strenuous demand makes the design of the IHX among the most 
challenging tasks of NGNP design development. In fact, the Independent Technical Review 
Group (ITRG) identified IHX as a high risk NGNP component (INEEL/EXT-04-01816).  
 
 The American Society of Mechanical Engineers (ASME) design code (Section III, subsection 
NH) currently does not include design provisions for Alloy 617 or any materials for temperatures 
above 760oC. Hence, one of the primary objectives of the NGNP initiative is to conduct very 
high temperature testing of the IHX candidate materials in order to develop technology and tools 
for selection of materials for high temperature nuclear application, design code development, 
licensing and construction activities. Even though the HTGR design is yet to be finalized, 
various candidate alloys are under consideration. The primary candidate materials for the 
intermediate heat exchanger (IHX) of the NGNP are the Alloys 617 and 230. Because of the 
available material database, experience base, and available product forms, Alloy 617 is the top 
choice as the IHX material. However, not much data is available in the literature on the 
experimental response of Alloy 617 at high temperature; especially no data is available on the 
multiaxial experimental response of Alloy 617. In addition, no unified constitutive model ever 
demonstrated in the literature for simulating the viscoplastic behavior of Alloy 617 at high 
temperature. Hence, NGNP IHX materials R&D Plan (INL-PLN-2804) recommended a long list 
of experiments on alloy 617 for developing design curves and a unified constitutive model 
(UCM) toward overcoming the challenge of IHX design using Alloy 617.  
 

Different researchers investigated the influence of different test parameters such as 
temperature, strain rate, strain range and hold time at different environmental conditions by 
performing uniaxial low-cycle fatigue, creep and creep-fatigue tests on Alloy 617. Significant 
data applicable to the Gen IV systems were generated from investigations by the HTGR 
programs at the Oak Ridge National Laboratory and General Electric Co. in the United States 
(McCoy and King, 1985; Baldwin et al., 1986). Burke and Beck (1984), Breitling et al. (1988), 
Rao et al. (1988a, 1988b), Nagato et al. (1989), Corum and Blass (1991), Ren et al. (2006), 
Rahman et al. (2009), Wright et al. (2012), Chen et al. (2013) and Maier et al. (2011, 2013) 
performed fully reversed axial strain controlled low-cycle fatigue (LCF) and creep-fatigue tests 
on Alloy 617 at higher temperatures and different loading rates. It was observed that with 
increase in temperature, the peak stress and the fatigue life decreased. Softening of material was 
observed at higher temperatures after few initial cycles of hardening. Unlike the response at 
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lower temperatures, Alloy 617 exhibited high sensitivity to loading rate at very high 
temperatures. The number of cycles to macrocrack initiation decreased with decreasing strain 
rates and with increasing temperature. Cyclic hardening and softening behavior of the alloy was 
found to depend on temperature and strain rate conditions employed. However, the influence of 
the strain rate on the creep-fatigue lifetime was not conclusive (Rao et al., 1988a, 1988b; 
Breitling et al., 1988; Nagato et al., 1989). 

 
The effect of hold time on the fatigue life of Alloy 617 under uniaxial loading was 

investigated by Totemeier and Tian (2007), Carroll et al., (2010, 2011), Cabet et al., (2011), 
Wright et al., (2012) and it was concluded that irrespective of the position of hold at peak strain 
in a cycle, hold time always reduced fatigue life compared to continuous-cycling tests. Previous 
work has also desmonstrated for Alloy 617 that a hold time during the tensile portion of the 
fatigue cycle was more damaging than compressive holds or both a tensile and compressive hold 
(Meurer et al., 1984; Tsuji and Condo, 1987; Rao et al., 1988a, 1988b; Breitling et al., 1988). 
This was also reconfirmed recently by Chen et al. (2013) who performed LCF and creep–fatigue 
testing of Alloy 617 and Haynes 230 in the air at 850ºC with different strain ranges and hold 
time at maximum tensile strain for 3, 10 or 30 min. Compared to the LCF results, the cycles to 
failure for both materials decreased under creep–fatigue test conditions. Longer hold time at 
maximum tensile strain caused a further reduction in the creep–fatigue life of both materials. 
Moreover, Totemeier and Tian (2007) and Wright et al. (2012) observed decrease in the number 
of cycles to crack initiation with increase in the strain range. 
 

From the literature it is evident that the LCF, creep and the creep-fatigue damage mechanism 
of Alloy 617 are sensitive to temperature, strain rate and strain range. Moreover, no literature 
was found on the multiaxial creep-fatigue and creep-ratcheting failure mechanism of Alloy 617. 
However, multiaxial fatigue and creep data are desirable for providing the basis for the 
development of constitutive equations, and are used to confirm the adequacy of application of 
the von-Mises effective strain and other approaches for fatigue analysis (Ren and Swindeman, 
2009). The study reported herein undertakes a broad set of multiaxial creep-fatigue and 
ratcheting experiments on Alloy 617 at very high temperatures thereby mimic the conditions of 
IHX critical locations. Experiments were conducted prescribing different multiaxial loading 
histories at 25ºC, 650ºC, 850ºC and 950ºC in the axial and shear, stress and strain space with 
different strain rates and strain amplitudes. These multiaxial experimental responses of Alloy 
617 were critically evaluated to understand the influence of multiaxial loading, interactions 
between creep-fatigue-ratcheting failure responses, and effects of loading rates and strain 
amplitudes. The multiaxial experimental responses will provide data for developoing the ASME-
NH Code provisions for Alloy 617 and help in developing an experimentally validated UCM. 
The experimental responses will also help in ensuring the robustness of the UCM through 
simulating a broad set of multiaxial creep-fatigue-ratcheting responses. Such a UCM will help 
engineers adopt the design by inelastic analysis method for designing critical NGNP 
components. Multiaxial experiments performed and the experimental responses are elaborated in 
the following. 
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2. Experimental Study 
 

2.1. Test setup 
 

Many researchers have worked on elevated temperature material coupon testing to 
demonstrate complexity and different techniques for carrying out these tests. The most complete 
experimental description has been provided by Ellis and Bartolotta (1997), who have advocated 
the use of an adjustable coil fixture for induction heating. Such a fixture is convenient to use and 
provides access to the specimen surface. This facilitates the measurement of strain with the help 
of a high-temperature extensometer. An induction heater is used for heating the specimen to the 
test temperature. Lissenden et al. (2000) have studied the axial-torsional load effects on Haynes 
188 at 650ºC and have explained the experimental procedure and instruments in good detail. 
Previous researchers like Chen et al. (2005), Totemeier and Tian (2007) who have worked on 
elevated temperature testing have used similar kinds of testing equipment to conduct uniaxial 
tests. Therefore, due to its widespread acceptability, an induction heating system with flexible 
coil fixture and water cooled grips has been adopted in this research.  

 
Alloy 617 specimens used in testing were machined in the form of thin-walled tubular 

specimens. The specimens were machined from a 38 mm thick annealed plate with the axis of 
the specimen aligned in the rolling direction. The chemical composition of the alloy is provided 
in Table 1. The gage section has an external diameter of 21 mm and an internal diameter of 18 
mm and has a total length of 305 mm (see Fig. 1 and Fig. 2a for more details). The end sections 
were 30 mm in diameter so that they could be gripped in the hydraulic collet grips without 
crushing the tube. Multiaxial experiments were conducted using a universal axial-torsion 
hydraulic testing system with ±245kN axial force and ±2830 N-m torque capacity. The specimen 
was held in water cooled hydraulic collet grips in the vertical position. The axial and shear 
strains were measured using high temperature biaxial extensometer. The extensometer was also 
water cooled. A 7.5 KW radio-frequency induction heater was used to achieve the test 
temperatures of 650ºC, 850ºC and 950ºC. The induction heater sends out a high-frequency 
current to three coils that were mounted on an adjustable-positioning-mechanism rig. These coils 
induced eddy currents on the specimen surface and resistance in the specimen created joule 
heating. Thermocouples were spot welded to the specimen to measure and control the test 
temperature. The temperature gradient was kept within 1% of the desired temperature as 
described in ASTM E606 (1980). Fig. 2b shows the experimental setup with specimen gripped 
and extensometer mounted. 
 

Table 1 Chemical composition of Alloy 617 in wt. % [Carroll et al., 2011] 

Ni Cr Co Mo C Fe Al Ti Si Mn Cu 
Balance 21.9 11.4 9.3 0.08 1.7 1.0 0.3 0.1 0.1 0.04 
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Fig. 1 Schematic of the specimen with dimensions in mm. 

 

   
   
 

Fig. 2 (a) Specimen, and (b) experimental setup. 

 
2.2. Test Type and Loading Histories 

 
To investigate the multiaxial creep-fatigue and creep-ratcheting interaction of Alloy 617, 

hybrid strain controlled and stress controlled loading histories were prescribed on the specimens. 
Thirty two experiments were performed for investigating the effect of temperature, strain rate, 
strain amplitude and loading history on the multiaxial behavior of Alloy 617. These thirty two 
experiments were conducted using two different strain rates (0.04%/s and 0.1%/s) and multiple 
strain amplitudes (0.2%, 0.3% and 0.4%) at 25ºC, 650ºC, 850ºC and 950ºC. In the discussion, 
strain amplitude refers to the equivalent strain amplitude in case of the multiaxial loading. To 
study the effect of loading history, three different types of loading histories MR1, MR2 and MOP 
were considered as shown in Fig. 3. The MR1 test involved applying a steady axial stress and 
symmetric shear strain cycles (Fig. 3a). The cyclic shear strain could create cyclic hardening or 
softening under a small degree of loading non-proportionality. Due to inelastic interaction 
between the steady axial stress and shear strain, ratcheting of axial strain occurs (see Section 3.1 
for more details). The MR2 loading history involved applying a cyclic axial stress with a mean 
stress, dwell periods at the positive and negative peaks, and symmetric shear strain cycles along 
a bow-tie path (Fig. 3b). The bow-tie loading path mimics stress history of piping under cyclic 
bending (Corona et al., 1996). The MR2 loading path also results in axial strain ratcheting (see 
Section 3.2 for details). Since the axial stress is cyclic, fatigue damage is more detrimental under 
MR2 than MR1. The cyclic shear strain could result in cyclic hardening or softening under 
intermediate degree of loading non-proportionality which in turn influences axial strain 
ratcheting rate (Hassan et al., 2008). 
 

(a) (b)
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                          (a) MR1                               (b) MR2                           (c) MOP 
 

Fig. 3 (a) MR1, (b) MR2 and (c) MOP loading histories prescribed in the multiaxial 
experiments on Alloy 617 specimens. 

The MOP loading path in Fig. 3c involved 100 axial strain cycles (Path I) followed by 100, 
90º out-of-phase cycles (path II) followed by 100 more axial strain cycles (path I). These tests 
demonstrate cyclic hardening-softening behavior under highest degree of loading non-
proportionality (Lamba and Sidebottom, 1978; Hassan and Kyriakides, 1994). Data from these 
tests would be needed for determination of the unified constitutive model multiaxial or non-
proportional parameters (see Section 3.3 for more details). Table 2 shows the test matrix of the 
multiaxial experiments performed on Alloy 617 using these three loading paths.  

 
Table 2 Test matrix of multiaxial experiments 

Load 
Path 

No. of 
Specimens 

Temp. (ºC) Strain Rate 
(%/s) 

Strain 
Amp. (%) 

MR1 12 25,650, 850, 950 0.04, 0.1 0.2, 0.3,0.4 
MR2 10 25, 650, 850, 950 0.04, 0.1 0.18, 0.4 
MOP 10 25, 650, 850, 950 0.04, 0.1 0.2, 0.3 

 
 

3. Multiaxial Experimental Results 
 
The MR1 and MR2 experiments were conducted by prescribing different temperatures, strain 

amplitudes and strain rates under varying degree of loading non-proportionality to investigate the 
ratcheting-creep-fatigue life, ratcheting strain rates and limits, mean-stress effect, cyclic 
hardening-softening and failure modes of Alloy 617. The creep strain, axial strain ratcheting and 
cyclic hardening-softening behavior of the material would be of particular interest. MOP 
experiments were primarily performed to study the cyclic hardening-softening of Alloy 617 
under highest degree of loading non-proportionality and to determine the UCM parameters. The 
loading parameters in the MR1 and MR2 experiments and resulting fatigue life and failure 
modes are summarized in Table 3. The experimental responses of MR1, MR2 and MOP tests and 
the effects of various test parameters on the multiaxial creep-fatigue and ratcheting response of 
Alloy 617 are discussed in the subsequent sections. 
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Table 3 Summary of MR1 and MR2 experiments 

Test T 
(ºC) 

γ 
(%/s)

γxy/√3 
(%) 

Nf tf 

(min) 

Failure 
Mode 

 

 

 

MR1 

25 0.1 0.2 10050 1340  NF* 
650 0.1 0.2 10010 1334 NF
850 0.04 0.2 3230 1077 Crack 
850 0.1 0.2 3770 502 Crack 
850 0.1 0.3 1794 341 Crack 
850 0.04 0.4 955 634 Crack 
850 0.1 0.4 1052 281 Crack 
950 0.04 0.2 1300 434 Necking 
950 0.1 0.2 1742 232 Crack 
950 0.1 0.3 799 160  LD* 
950 0.04 0.4 235 157 LD
950 0.1 0.4 262 70 Necking  

 

 

MR2 

25 0.1 0.18 11273 2706 NF
650 0.1 0.18 10010 2402 NF
850 0.04 0.18 1968 1181 Crack 
850 0.1 0.18 2247 540 Crack 
850 0.04 0.4 646 431 Crack 
850 0.1 0.4 492 130 NF
950 0.04 0.18 274 164   LD
950 0.1 0.18 1139 273 Crack 
950 0.04 0.4 121 81 NF
950 0.1 0.4 207 55 NF

*LD – localized deformation, NF – no failure 
 
3.1. MR1 Tests 

 
The MR1 test involved applying a steady axial stress and a cyclic shear strain on the 

specimen as shown in Fig. 3a. The steady axial stress resulted in creep strain in the axial 
direction. The cyclic shear strain could create cyclic hardening or softening of the shear stress. 
Due to the plastic coupling, it could also lead to axial strain ratcheting. Axial strain accumulation 
with number of cycles is of great interest because it will play an important role in the ultimate 
life of the specimen. The strain-controlled, shear stress-strain hysteresis loops will provide 
additional information about the material behavior at elevated temperatures. Ratcheting will also 
depend on the mean stress and the loading proportionality of the test. The MR1 test has a lower 
degree of loading non-proportionality since the axial stress is held constant while the shear strain 
is cycled. Twelve experiments were conducted for the MR1 kind of tests. Five experiments were 
conducted at 850ºC and five experiments were conducted at 950ºC with two different strain rates 
of 0.04%/s and 0.1%/s and three different stain amplitudes of 0.2%, 0.3% and 0.4%. Two 
experiments were also conducted at 25ºC and 650ºC with.1%/s strain rate to compare the 
material behavior at higher and lower temperatures. The fast and slow strain rates help us 
understand the effect of loading rate on the material behavior. In all the experiments, the axial 
stress was held constant at 12 MPa. The multiaxial responses that are of interest for 
MR1experiment are shown in Fig. 4 for one experiment conducted at 850ºC. 

.
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Fig. 4 Experimental response of Alloy 617 for MR1 experiment at 850ºC with 0.04%/s 
strain rate and 0.4% strain amplitude. (a) Equivalent stress-strain hysteresis loops; (b) 
Axial strain plotted against equivalent shear strain; (c) Equivalent stress amplitude and 
mean plotted against number of loading cycles; (d) Maximum axial strain in each cycle 
plotted against number of loading cycles. 

The equivalent stress-strain hysteresis loops as shown in Fig. 4a shows cyclic hardening for 
few initial cycles followed by cyclic softening of the material, whereas Fig. 4b shows 
accumulation of axial strain with progressive loading cycles (axial strain ratcheting). The cyclic 
hardening/softening behavior can be more clearly observed when equivalent stress amplitude and 
mean are plotted against number of loading cycles as shown in Fig. 4c. It was evident that the 
mean stress remained constant during cycling whereas the equivalent stress amplitude showed 

(b) 

(c) (d) 

(a) 
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initial hardening followed by softening. Similarly the axial strain ratcheting is clearly visible in 
Fig. 4d, where maximum axial strain in each cycle is plotted against number of loading cycles. In 
the subsequent sections, the comparison between different experimental responses and the effects 
of different test parameters will be discussed using the plots similar to Fig. 4c and Fig. 4d. 
However, it is very interesting to see that although the there was no axial stress cycling, the axial 
strain continued to increase up to failure. This is because of the presence of the constant axial 
stress which might be inducing creep strain in the axial direction. 
 
3.2. MR2 Tests 

 
The MR2 test involved applying a cyclic axial stress with mean stress and symmetric hold 

times as well as symmetric shear strain cycles on the specimen. This kind of test path is called 
bow-tie path as shown in Fig. 3b. Unlike the MR1 test where the steady axial stress resulted in 
creep, the cyclic axial stress with a non-zero mean stress in MR2 test resulted in ratcheting. Since 
the axial load was cyclic, fatigue damage could be more significant in these tests compared to 
MR1 tests. The cyclic shear strain could result in cyclic hardening or softening and also lead to 
axial strain ratcheting. The accumulation in axial strain due to ratcheting could decide the 
ultimate life of the specimen. The effect of temperature on the viscoplastic material behavior can 
be understood from the plastic strain range of the shear stress-shear strain hysteresis plots. The 
MR2 test has a higher degree of non-proportional loading as compared to the MR1 tests due to 
the bow-tie test path. The effect of higher-degree of non-proportional loading on the ratcheting 
behavior will be of great interest. Ten experiments were conducted for the MR2 kind of tests. 
Four experiments were conducted at 850ºC and four experiments were conducted at 950ºC with 
two different strain rates of 0.04%/s and 0.1%/s and two different stain amplitudes of 0.18% and 
0.4%. Two experiments were also conducted at 25ºC and 650ºC with 0.1%/s strain rate to 
compare the material behavior at higher and lower temperatures. The fast and slow strain rates 
help us understand the effect of loading rate on the material behavior. The equivalent strain 
amplitude for four MR2 tests was 0.18% (compared to 0.2% for MR1 tests) to compensate for 
the increase in the axial stress range and so that the equivalent stresses are comparable with the 
MR1 type of tests. The axial stress was cycled from a minimum value of 0 MPa to maximum 
value of 24 MPa with a mean of 12 MPa. Fig. 5 shows multiaxial experimental responses of 
Alloy 617 for one MR2 test performed at 950ºC. These plots are similar to Fig. 4 where cyclic 
hardening/softening and axial strain accumulation are of particular interest. The equivalent 
stress-strain hysteresis loops (Fig. 5a) and the equivalent stress amplitude (Fig. 5c) plots show 
gradual softening of the material at 950ºC. The material also showed increasing axial strain 
ratcheting with number of loading cycles as can be seen in Fig. 5b and Fig. 5d. This is similar to 
what was observed in Fig. 4.    
 
3.3. MOP Tests 

 
It is well known that in many materials, non-proportional multiaxial cyclic loading can induce 

significantly more hardening than proportional cyclic histories (Lamba and Sidebottom, 1978; 
Sliwowski, 1979; Kanazawa et al., 1979; Tanaka et al., 1985; McDowell, 1985). Thus, the cyclic 
hardening/softening characteristics of a material cannot be captured solely from uniaxial 
experiments (Hassan and Kyriakides, 1994). In this study, the MOP loading path incorporated the 
highest degree of non-proportionality (Fig. 3c) through the 90º out-of-phase axial and shear strain 
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cycles (circular load path, Path II). The experimental response of Alloy 617 for one MOP 
experiment performed at 850ºC is shown in Fig. 6. The stress and strain response of Alloy 617 for 
path I, II and III are shown in Fig. 6a, b and c, respectively. 

 
 

     
 
 

  

 
Fig. 5 Experimental response of Alloy 617 for MR2 experiment at 950ºC with 0.04%/s 
strain rate and 0.4% strain amplitude. (a) Equivalent stress-strain hysteresis loops; (b) 
Axial strain plotted against equivalent shear strain; (c) Equivalent stress amplitude and 
mean plotted against number of loading cycles; (d) Maximum axial strain in each cycle 
plotted against number of loading cycles. 

 

(a) (b) 

(c) (d) 
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Fig. 6 Experimental response of Alloy 617 for MOP experiment at 850ºC with 0.1%/s strain 
rate and 0.2% strain amplitude. (a) Axial stress-strain response for path I; (b) Equivalent 
stress response for path II; (c) Axial stress-strain response for path III; (d) Axial stress 
amplitude and mean plotted against number of loading cycles; (e) Decrease of shear stress 
during proportional cycles for path III. 

Axial stress amplitudes from the MOP load history is plotted in Fig. 6d, where a marked 
discontinuous increase in the axial stress amplitude was observed immediately after the axial 
strain cycle (path I) was changed to 90º out-of-phase cycle (path II) (Tanaka et al., 1985; Hassan 
and Kyriakides, 1994; Krishna et al., 2009). This cross effect can be accounted for by a large 
resistance brought about by a stable dislocation structure formed in the preceding proportional 
cycles to the dislocation movement in the subsequent cycles in another direction (Tanaka et al., 

(a) (b) 

(c) (d) 
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1985). Conversely, when path II cycle is changed to axial strain cycle, abrupt change from 
highest non-proportional load path to low non-proportional path (because of small residual shear 
stress as shown in Fig. 6e, abrupt softening of Alloy 617 is observed at both 850ºC and 950ºC. 
However, there was no significant hardening observed during the 90º out-of-phase cycles (Fig. 
6d) at 850ºC. During developing a unified constitutive model, it is very important to capture the 
stress jump when proportional cycles are changed to non-proportional cycles and subsequent 
stress drop when non-proportional cycles are changed to proportional cycles. Data from MOP 
tests would help in determining the unified constitutive model non-proportional or multiaxial 
parameter for capturing this stress jump and drop. 
 

 

Fig. 6 continued. 

3.4. Effect of Temperature 
 

To maintain its economic advantage over early generation reactor systems, the HTGR of NGNP 
uses helium at temperatures higher than 900ºC and pressures up to 8 MPa for a design life of 60 
years (Ren and Swindeman, 2009; Charit and Murty, 2010). Conceptual design requires an outlet 
temperature of greater than 850ºC to efficiently generate hydrogen, with a maximum expected 
temperature of 950ºC (Carroll et al., 2010, 2011; Wright et al., 2012). Hence, in this study, the 
multiaxial experiments were conducted at 850ºC and 950ºC to characterize the material behavior 
in this temperature range which is in the creep regime for Alloy 617. Multiaxial experiments 
were also conducted at 25ºC and 650ºC to compare the material behavior at higher and lower 
temperatures. The material showed ominously different behavior at higher and lower 
temperatures. Also, at higher temperature range, the material showed completely different 
behavior at 850ºC and 950ºC. Fig. 7 shows equivalent stress amplitudes from MR1 and MR2 
loading experiments plotted against the number of loading cycles for different strain rates and 
strain amplitudes. It was observed that irrespective of strain rate, strain amplitude and loading 
path, at 850ºC, the material showed cyclic hardening for the initial few cycles followed by cyclic 
softening, whereas at 950ºC, the material showed gradual softening.  
  

(e) 
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Fig. 7 Equivalent stress amplitude plotted against the number of loading cycles for MR1 
and MR2 experiments at different temperatures. (a) MR1 tests at 0.1%/s strain rate with 
0.2% strain amplitude; (b) MR2 tests at 0.1%/s strain rate with 0.18% strain amplitude; 
(c) MR1 and MR2 tests at 0.04%/s strain rate with 0.2% strain amplitude; (d) MR1 and 
MR2 tests at 0.04%/s strain rate with 0.4% strain amplitude.   

Similar response was observed by Burke and Beck (1984), Rao et al. (1988a, 1988b) and 
Chen et al. (2013) from uniaxial fatigue experiments on Alloy 617 at high temperatures. They 
attributed the initial cyclic hardening at 850ºC to the cumulative effects of dislocation generation 
with their mutual interaction and to the immobilization of dislocations by fine scale carbide 
precipitation. Initially, the dislocation density was low, and because of repeated cyclic 
deformation, the dislocation slip and multiplication occurred rapidly, causing strain hardening. At 
some point, the newly formed dislocation structure stabilized under the magnitude of cyclic 

(a) (b) 

(c) (d) 
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strain imposed. The subsequent cyclic softening at 850oC was attributed to the dislocation 
recovery process occurring during persistent strain cycling. The cyclic softening at 950ºC was 
attributed to dislocation annihilation and rearrangement into a configuration which offered less 
resistance to cyclic deformation (Rao et al., 1988a). It is interesting to note in Fig. 7 that the 
equivalent stress amplitude did not stabilize to a steady state value, instead keep decreasing with 
increasing cycles at both 850ºC and 950ºC. 
  

 

 
 

Fig. 8 Maximum axial strain in each cycle as a function of number of cycles in MR1 and 
MR2 experiments showing ratcheting rates. (a) MR1 tests at 0.1%/s strain rate with 0.2% 
strain amplitude; (b) MR2 tests at 0.1%/s strain rate with 0.18% strain amplitude; (c) MR1 
and MR2 tests at 0.04%/s strain rate with 0.2% strain amplitude; (d) MR1 and MR2 tests 
at 0.04%/s strain rate with 0.4% strain amplitude. 

(a) (b) 

(c) (d) 
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On the contrary, at 25ºC the material showed hardening for few initial cycles and then  it 
reached a steady state of stress, whereas at 650ºC, the material was continuously hardening 
without showing any steady state stress up to 4000 cycles. It was also interesting to note that the 
material did not fail at both 25ºC and 650ºC and hence, the tests were stopped manually at 10000 
cycles for both the experiments. It was also observed in Fig. 7 that the equivalent stress 
amplitude as well as the fatigue life of Alloy 617 was lower at 950ºC compared to 850ºC 
regardless of the strain rate and strain amplitude. The fatigue life reduced by a factor of more 
than two when the temperature was increased from 850ºC to 950ºC. This reduction in fatigue life 
might be influenced by the increased axial strain ratcheting rate with increase in temperature as 
shown in Fig. 8. There was a sharp increase in the axial strain ratcheting rate as the experiment 
temperature changed from 850ºC to 950oC. On the other hand, the ratcheting rate was 
insignificant at 25ºC and 650ºC, as a result of which the material did not fail at these 
temperatures. The effect of temperature on the viscoplastic material behavior can be observed 
from the elastic and plastic strain amplitude of the equivalent stress-strain hysteresis loops in Fig. 
9, where the first cycle equivalent hysteresis loops from MR1 and MR2 experiments are plotted. 
It was evident that as the temperature increased there was an increase in the hysteresis loop width 
which indicated increase in the plastic strain amplitude. Especially, at 950ºC, the hysteresis loop 
width was larger than that at 850ºC, which indicated larger plastic strain amplitude at 950oC. 
This in turn increased the axial strain ratcheting at higher temperature which eventually reduced 
fatigue life. It was also noted from the hysteresis loop plots of Fig. 9 that with increase in 
temperature, the elastic response of the material decreased. At 950ºC, the material showed 
almost no elastic response.  
 

 
 
 
Fig. 9 Equivalent stress-strain hysteresis loops from the first loading cycle at different 
temperatures. (a) MR1 tests with 0.2% strain amplitude; (b) MR2 tests with 0.18% strain 
amplitude. 

The effect of temperature on the MOP experiments is shown in Fig. 10, where the axial stress 
amplitude is plotted as a function of number of loading cycles for 0.1%/s strain rate and 0.3% 

(a) (b) 
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strain amplitude. It showed similar trend that was observed for MR1 and MR2 experiments. At 
25ºC and 650ºC, the material showed cyclic hardening, whereas at 850ºC, the material showed 
initial cyclic hardening followed by cyclic softening, and at 950ºC the material showed 
continuous cyclic softening. Also, the axial stress amplitude increased with decreasing 
temperature. It is interesting to note that during the 90ºout-of-phase cycles, the material did not 
show any significant cyclic hardening/softening only at 850ºC, but it showed cyclic hardening 
for both at 25ºC and 650ºC and cyclic softening at 950ºC. Another interesting thing to note here 
that at 25ºC and 650ºC, the stress did not drop when the non-proportional cycles (path II) were 
changed to proportional cycles (path III). This might be related to the formation of different 
dislocation structures at different temperatures during non-proportional cycles. 

 
Fig. 10 Axial stress amplitude plotted as a function of number of loading cycles for MOP 
experiments performed at different temperatures with  0.1%/s strain rate and 0.3% strain 
amplitude. 

3.5. Effect of Loading History 
 

Fig. 7c, Fig. 7d and Fig. 11 illustrated comparison of the equivalent stress amplitude responses of 
Alloy 617 for MR1 and MR2 experiments at different temperatures up to failure, whereas Fig. 13 
shows equivalent stress amplitude comparison for MR1, MR2 and MOP experiments for first 
300 loading cycles. The equivalent stress amplitude of MR2 tests in all of the experiments was 
equal or less than the equivalent stress amplitude of MR1 experiments irrespective of 
temperature, strain rate and strain amplitude, except for experiment performed at 950ºC at 
0.1%/s strain rate with 0.4% strain amplitude where MR2 test showed higher equivalent stress 
amplitude than that of MR1 test (Fig. 11b). In all the experiments, the 90º out-of-phase cycles 
produced the largest stress amplitude compared to MR1 and MR2 tests (Fig. 13) since it 
incorporated the highest degree of loading non-proportionality. Although MR2 tests had higher 
degree of loading non-proportionality compared to MR1 tests, it showed lower equivalent stress 
amplitude. This might have happened because of the presence of a hold at the peak axial stress 
for MR2 tests. However, the material showed similar trend in the cyclic hardening/softening 
behavior for both MR1 and MR2 tests. It can be observed that the life of Alloy 617 before failure 
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decreased with increase in the degree of loading non-proportionality as can be seen in Fig. 7c, 
Fig. 7d and Fig. 11 where the fatigue life was always lower for MR2 tests compared to MR1 
tests. Under MR2 tests, Alloy 617 encountered axial stress fluctuation in presence of a nonzero 
axial mean stress which induced higher rate of axial strain ratcheting than under MR1 tests as 
shown in Fig. 8c, Fig. 8d and Fig. 12.  
 

  
 
Fig. 11 Equivalent stress amplitude plotted against number of loading cycles for MR1 and 
MR2 experiments performed at different temperatures. (a) 0.1%/s strain rate, 0.2% strain 
amplitude; (b) 0.1%/s strain rate, 0.4% strain amplitude.  

  
 
Fig. 12 Axial strain accumulation with number of loading cycles for MR1 and MR2 
experiments performed at different temperatures. (a) 0.1%/s strain rate with 0.2% strain 
amplitude; (b) 0.1%/s strain rate with 0.4% strain amplitude. 

(a) (b) 

(a) (b) 
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Fig. 13 Comparison of equivalent stress amplitude plotted as a function of number of 
loading cycles for MR1, MR2 and MOP experiments performed at different temperatures. 
(a) 0.1%/s strain rate with 0.2% strain amplitude; (b) 0.04%/s strain rate with 0.2% strain 
amplitude; (c) 0.1%/s strain rate with 0.3% strain amplitude.  

In all the cases, regardless of the temperature, strain rate and strain amplitude, MR2 tests showed 
higher axial strain accumulation with number of loading cycles compared to MR1 tests. This 
signifies the effect of loading history on the multiaxial ratcheting response of Alloy 617. 
Although the degree of non-proportionality in the MR2 test was higher than in the MR1 test, 
however its direct influence is yet to be clear. Also, understanding the influence of the mean axial 
stress in the MR1 and MR2 tests on axial strain creep and thus on the axial strain ratcheting 
needs further study.   
 

(a) (b) 

(c) 
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3.6. Strain Rate Sensitivity 
The multiaxial experiments MR1, MR2 and MOP were conducted at two different loading 

rates (0.04%/s and 0.1%/s) to investigate the effect of strain rate on the creep-fatigue-ratcheting 
response of Alloy 617. The equivalent stress amplitudes and axial strain ratcheting from MR1 
and MR2 tests are plotted as a function of the number of loading cycles in Fig. 14 and Fig. 16, 
respectively, to demonstrate the effects of strain rate on Alloy 617 at 850ºC and 950ºC. The 
loading rate effect in the MOP tests is shown in Fig. 15.  

 

 
 
 
Fig. 14 Equivalent stress amplitude plotted against number of loading cycles for MR1 and 
MR2 experiments performed at different strain rates and different temperatures. (a) MR1 
tests with 0.2% strain amplitude; (b) MR1 tests with 0.4% strain amplitude; (c) MR2 tests 
with 0.18 % strain amplitude; (d) MR2 tests with 0.4% strain amplitude. 

(b) (a) 

(c) (d) 
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Fig. 15 Axial stress amplitude plotted against number of loading cycles for MOP 
experiments at different temperatures and different strain rates. (a) 0.2% strain 
amplitude; (b) 0.3% strain amplitude. 

The equivalent stress amplitude was smaller at 0.04%/s strain rate compared to that at 0.1%/s 
strain rate regardless of temperature, strain amplitude and loading path. At 850ºC, strain rate 
effect on the stress amplitude of Alloy 617 is small for all three loading histories at smaller strain 
amplitudes. For experiments at 850ºC with higher strain amplitudes, there is significant rate 
effect. However, at 850oC slower loading rate leads to lower fatigue life of the material for both 
MR1 and MR2 experiments. At 950ºC, lower fatigue life at slower loading rate was observed for 
all the specimens tested except for MR1 experiment at 0.2% strain amplitude where slower 
loading rate seemed to increase the fatigue life of Alloy 617 (Fig. 14a). From the axial strain 
ratcheting plots of Fig. 16, it was observed that the axial strain increased linearly with the 
number of loading cycles. Slower loading (0.04%/s) rate showed higher axial strain ratcheting 
rate compared to faster loading rate for all the experiments performed at 950ºC. On the other 
hand, at 850ºC, the axial strain accumulation rate seemed to be insensitive of the loading rate for 
MR2 tests, whereas for MR1 tests, noticeable loading rate effect was observed with axial strain 
ratcheting rate increased for slower loading rate.  

 
In the MOP tests, effects of loading rate was only observed at 950oC (Fig. 15), where at 

850oC (Fig. 15a) Alloy 617 seemed to be rate independent for lower strain amplitudes, but 
experiments performed at 850ºC with higher strain amplitudes showed strain rate dependence for 
MOP tests (Fig. 15b). The above results show that slower loading rate at higher temperature is 
more detrimental to Alloy 617. Rao et al. (1988a, 1988b) observed similar type of strain rate 
dependent behavior of Alloy 617 under uniaxial fatigue loading. They explained that the low 
fatigue life at smaller strain rate was mainly attributed to the continuous increase in inelastic 
strain with cycle. The other factors that might have played a role in decreasing the fatigue life at 
slower strain rate are the intergranular crack initiation resulting from oxidation of surface 
connected grain boundaries and environmentally assisted mixed mode propagation. The effect of 

(b) (a) 
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loading rate was also evident from the equivalent shear stress-strain hysteresis loops plotted in 
Fig. 17, where it can be observed that at 950ºC, the plastic strain amplitude increased for slower 
loading rate compared to faster loading rate regardless of the strain amplitude and loading non-
proportionality. This rate effect on the hysteresis loop shape was noticeable from the first loading 
cycle at 950ºC and it continued for rest of the loading cycles, whereas, at 850ºC with lower strain 
amplitude, the loop shape was insensitive to the loading rate in the first cycle, but with increasing 
number of loading cycle, the rate effect became more prominent. However, for higher strain 
amplitude, the effect of loading rate was seen from the very first cycle at 850ºC (not shown).  

 
 

 
 
Fig. 16 Axial strain ratcheting with number of loading cycles for MR1 and MR2 
experiments performed at different temperatures and strain rates. (a) MR1 tests with 0.2% 
strain amplitude; (b) MR1 tests with 0.4% strain amplitude; (c) MR2 tests with 0.18% 
strain amplitude; (d) MR2 tests with 0.4% strain amplitude. 

(b) (a) 

(c) (d) 
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Fig. 17 Equivalent stress-strain hysteresis loops at different temperatures and strain rates 
for MR2 experiment performed at 0.18% strain amplitude; (a) 1st cycle; (b) 100th cycle. 

Another interesting phenomenon that was observed was serrated flow. Alloy 617 showed 
serrated stress-strain behavior only at 850ºC for slower strain rate (0.04%/s). For faster strain 
rate, no serrated flow was observed. The serrated flow is considered to be one of the 
manifestations of dynamic strain aging (DSA) (Reed-Hill, 1974). Fig.  shows equivalent stress-
strain hysteresis response of Alloy 617 for different loading cycles for one MR1 test performed 
at 850ºC with 0.04%/s strain rate.  

 
Fig. 18 Equivalent stress-strain hysteresis loops at different loading cycles for MR1 
experiment performed at 850ºC with 0.2% strain amplitude and 0.04%/s strain rate 
showing serrated stress-strain behavior. 

(a) (b) 
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It can be observed that the first cycle did not have any serrations, but with the evolution of 
cycles the serrations became more substantial and the serrations gradually vanished away at the 
end of the loading cycles. Similar behavior was observed for MR2 test as can be seen in Fig. 17 
where serrations were observed for both cycle 1 and 100 for slower loading rate at 850ºC. The 
serrated stress-strain behavior for Alloy 617 was also observed by Rao et al. (1988a) at 750ºC 
and 850ºC and Rahman et al. (2009) between 600-800ºC with slower loading rate. From the 
multiaxial experimental responses of Alloy 617 for different loading rates, it was evident that 
Alloy 617 is highly rate dependent at higher temperatures; especially at 950ºC. The rate effect 
was more dominant at higher strain amplitudes. However, the effect loading non-proportionality 
on the loading rate was not conclusive. It must be mentioned here that at 25ºC and 650ºC, Alloy 
617 does not show any rate dependent behavior, and hence, tests at these temperatures were 
conducted for only one strain rate (0.1%/s). 

3.7. Strain Amplitude Dependence 
 
Three strain amplitudes (0.2%, 0.3%, 0.4%) were considered for the multiaxial experiments to 
determine  the effect of  strain amplitude on  the  creep‐fatigue‐ratcheting  response of Alloy 
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617. 

 

 

Fig. 19,  Fig. 21,  Fig. 22  show  the  effect  of  strain  amplitude  of  the  loading  path  on  the 
equivalent stress amplitude, axial strain ratcheting and hysteresis loops in the MR1 and MR2 
experiments, respectively, whereas  

Fig. 20 shows the effect of strain amplitude of loading path on the axial stress amplitude for 
MOP experiments.  
 
As expected, the equivalent and axial stress amplitude and axial strain ratcheting of Alloy 617 
were  influenced by the strain amplitude of the  loading paths. With an  increase  in the strain 
amplitude,  the  creep‐fatigue  life  reduced  and  the  axial  strain  ratcheting  rate  increased 



25 
 

regardless of  loading rate, temperature and  loading history. An  increase  in strain amplitude 
signifies an increase in plastic strain amplitude as shown in Fig. 22, and this in turn increased 
the  accumulation  of  axial  strain  ratcheting  rate  (Fig. 21).  Consequently,  the  fatigue  life 
decreased.  It was noted that the effect of higher strain amplitude was more detrimental at 
higher temperature, and also the effect of loading rate was more significant at higher strain 
amplitudes. For MOP experiments, the stress  jump due to cross effect was more significant 
for higher strain amplitude compared to lower strain amplitude at 850ºC for both slower and 
faster strain rates as shown in  

Fig. 20. Especially, at 850ºC with faster strain rate, the stress jump was noteworthy. 
However, at 950ºC, the effect of strain amplitude on the stress jump was not as significant as 
observed at 850ºC for both the strain rates.  

 
 (b) (a) 
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Fig. 19 Equivalent stress amplitude plotted against number of loading cycles for MR1 and 
MR2 experiments performed at different temperatures and strain amplitudes. (a) MR1 
tests at 0.1%/s strain rate; (b) MR1 tests at 0.04%/s strain rate; (c) MR2 tests at 0.1%/s 
strain rate; (d) MR2 tests at 0.04%/s strain rate. 

 
 

 
 
 

Fig. 20 Axial stress amplitude plotted against number of loading cycles for MOP tests at 
different temperatures and strain amplitudes. (a) 0.1%/s strain rate; (b) 0.04% strain rate. 

(b) (a) 

(c) (d) 
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Fig. 21 Axial strain ratcheting with number of loading cycles for MR1 and MR2 tests 
performed at different temperatures and strain amplitudes. (a) MR1 tests at 0.1%/s strain 
rate; (b) MR1 tests at 0.04%/s strain rate; (c) MR2 tests at 0.1%/s strain rate; (d) MR2 
tests at 0.04%/s strain rate. 

3.8. Failure Modes 
 

Table 3 shows a summary of MR1 and MR2 experiments in terms of number of loading 
cycles to failure (Nf), time to failure (tf) and the associated failure modes observed. It was noted 
that all the specimens at 850ºC failed through either diagonal or transverse cracks in the gage 
section, whereas at 950ºC, the specimens failed by necking or localized deformation. In some 

(a) (b) 

(c) (d) 



29 
 

cases the specimens did not fail or the testing equipment became unstable during the high 
temperature testing. However, no crack or failure was observed for tests performed at 25ºC and 
650ºC. The number of loading cycles to failure and time to failure shown in Table 3 also shows 
the effect of temperature, strain rate, strain amplitude and loading history and their 
interdependence as discussed above. To explain the failure mode of the material, microstructural 
investigation is required by using scanning electron microscopy (SEM) and transmission electron 
microscopy (TEM) since the failure mode and the material behavior is highly dependent on 
microstructural phenomena like crack initiation, transgranular, intergranular and intragranular 
propagation, carbide precipitation, surface oxidation and decarburization (Rao et al., 1988a, 
1988b, Burke and Beck, 1984).    

 
 
 
Fig. 22 Equivalent stress-strain hysteresis loops at different temperatures and strain 
amplitudes for MR2 experiments performed at 0.1% strain rate. (a) 1st cycle; (b) 100th 
cycle. 

4. Conclusion 
 
A broad set of multiaxial experiments were conducted to investigate the creep-fatigue-ratcheting 
responses of Alloy 617 and thereby aid in developing an experimentally validated unified 
constitutive model (UCM) for simulation of the responses. Critical analysis of experimental 
responses led to the following conclusions: 
 
 Multiaxial creep-fatigue and ratcheting responses of Alloy 617 were significantly influenced 

by the temperature, strain rate, strain amplitude and loading non-proportionality.  
 The hardening/softening behavior of the alloy was different at higher and lower temperatures. 

At 25ºC, the material showed cyclic hardening for initial few cycles followed by steady stress 
state, whereas at 650ºC, the material showed continuous cyclic hardening up to 4000 cycles. 
For higher temperature range, the material showed cyclic hardening for the initial few cycles 

(a) (b) 
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followed by cyclic softening at 850ºC, whereas at 950ºC, the material showed continuous 
cyclic softening.  

 At 950ºC and slower loading rate (0.04%/s), there was a significant reduction in the fatigue 
life of Alloy 617. With an increase in the strain amplitude, the decrease in fatigue life became 
more substantial. 

 The effect of loading non-proportionality, strain amplitude and strain rate was noteworthy at 
950ºC. The material seems to be insensitive to strain rate at 850ºC for lower strain amplitude, 
but at higher strain amplitude, the material showed rate dependence at 850ºC.   

 The axial strain ratcheting rate was high at higher temperature (950oC) and slower loading 
rate (0.04%/s). The ratcheting rate increases with an increase in the strain amplitude. 

 Serrated stress-strain response was observed for Alloy 617 at 850ºC with slower loading rate 
which is one of the manifestations of dynamic strain aging (DSA).  

 The loading history had strong influence on the creep-fatigue and ratcheting responses of 
Alloy 617. The fatigue life of material from MR2 tests was lower compared to MR1 tests. 
Since the axial stress was cycled in the MR2 tests the fatigue damage in these tests was more 
significant compared to the MR1 tests. Moreover, the influence of loading non-
proportionality was evident from the cross hardening in the MOP tests.   

 
These observations from the multiaxial experimental responses manifests the necessity of 
incorporating rate dependence, strain amplitude dependence and effect of loading non-
proportionality and temperature in the development of the unified constitutive model (UCM) to 
provide a better prediction of the viscoplastic behavior of the material. The development of an 
improved UCM and it simulation responses is presented in another article by Islam et al. [2014] . 
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Nomenclature 
εx Axial strain  
εc Axial strain amplitude 
ε Axial strain rate 
σx Axial stress 
σxm Mean axial stress 
σxc Axial stress amplitude 
γxy Shear strain 
γ Shear strain rate 
τxy Shear stress 

. 

. 
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τc Shear stress amplitude 
τm Mean shear stress 
N Number of loading cycles 
t Time 
T Temperature 
Nf Number of loading cycles to failure  
tf Time to failure 
LD Localized deformation 
NF No failure 
(•) Differential with respect to time 
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Abstract 

The Intermediate Heat Exchanger (IHX) is a critical component in the design of Next 

Generation Nuclear Plants (NGNP) and will be subjected to low-cycle fatigue loading at high 

temperatures during its service life. To meet the design requirements of the IHX alloy 617, a 

nickel-chromium based alloy with excellent high-temperature strength, has been chosen as a 

candidate material. In order to design IHX components according to ASME Code Subsection 

NH design by analysis methodologies, a nonlinear constitutive model capable of predicting 

high temperature fatigue and fatigue-creep responses is required. This study made an effort to 

develop a high temperature, rate-dependent, unified constitutive model that is capable of 

simulating a wide variety of low-cycle fatigue material responses. This chapter presents the 

model development, implementation and experimental validation of the unified constitutive 

model against the experimental responses presented in Chapter 2. The current state of the 

unified constitutive model in simulating low-cycle fatigue responses and future work needed 

for further model development are enumerated. 
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1. Introduction 

 In the design of Next Generation Nuclear Plants (NGNP), the Intermediate Heat 

Exchanger (IHX) is a critical component. The IHX exchanger will be subjected to wide 

variety of low-cycle fatigue loading over the course of its service life due to both reactor 

start-ups and shut-downs and power transients. In addition, the outlet gas temperature of the 

IHX is expected to be in the range of 850°C – 950°C, a large increase from previous 

generations of nuclear power plants. The meet the requirement of the service conditions alloy 

617, a nickel-chromium alloy with excellent high temperature strength and creep resistance 

has been chosen as the candidate material for the IHX component.  

 For the design of IHX components a nonlinear constitutive model capable of 

simulating a wide range of fatigue and fatigue-creep responses is required as per ASME 

Code subsection NH design by analysis methodologies. To meet this requirement a broad 

fatigue and fatigue-creep experimental database for alloy 617 was developed as presented in 

Chapter 2. The experimental responses from Carroll and her coworkers [1-3] and Wright et 

al. [4] are also used in experimental verification of the constitutive model.  These fatigue and 

fatigue-creep experimental responses were generated across temperature ranging from 25°C 

to 950°C with particular focus paid to the elevated temperatures of 850°C and 950°C; note 

that fatigue-creep tests were only performed at 850°C and 950°C. For all temperatures the 

effect of loading rate and strain-range were investigated. Additionally, at 950°C, the effect of 

hold time under fatigue-creep loading was also studied. 

 This work will be split into five sections. First, the constitutive model that was 

implemented will be described. Second, the numerical implementation of the model will be 

discussed. Third, the parameter determination process will be outlined in detail. Fourth, 

representative model parameters will be presented for both rate-independent and rate-

dependent responses. Finally, model simulations of the broad set of material responses will 

be presented to demonstrate the experimental validation of the model and elaborating future 

model development needs. 
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2. Unified Constitutive Model  

In this section the equations which compose the constitutive model will be presented 

and their functions described. As can be seen in Eq. 1, the generalized Hooke’s law was used 

to relate stress tensor  and elastic strain tensor e through the elasticity tensor E .  

 

 inE      ....................................................................................................  (1) 

 

Additive stain decomposition shown in Eqn. 2 was used to separate the elastic strain 

from the inelastic strain. This investigation utilized a unified constitutive model thus the 

inelastic strain term represents both the plasticity and creep strain components as one single 

value.  

 

e in      ..........................................................................................................  (2) 

 

The Von-Mises yield surface, Eqn. 3, was used as the limit of the elastic domain. 

Note that R is the isotropic hardening term and is a function of the accumulated plastic strain 

p;   and s  represent the stress and deviatoric stress respectively;   and a  represent the 

back stress and deviatoric back stress respectively. 

 

    ( )of J R p           .....................................................................  (3) 

     3
:

2
J s a s a       ...........................................................................  (4) 

 

 A viscoplastic flow rule was adopted as suggested by Chaboche [5] and is expressed 

by Eqns. 5 and 6, where K and n are model parameters. The basis for the flow rule was 

constructed from Norton’s power law of secondary creep. However, in this characterization 

the strain rate is not determined from the overall magnitude of the applied stress but from the 

overstress, the distance from the current stress state to the yield surface, which is in this case 

equivalent to the numerator in Eqn. 6.  
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 
3

2
in s a

p
J


 





    .............................................................................................  (5) 

    n

oJ R p
p

K

    
  ............................................................................  (6) 

 

 The kinematic hardening rule used in this investigation is shown in Eqn. 7. It can be 

said to be composed of four primary components, a linear hardening term (Eqn. 7a), a 

dynamic recovery term (Eqn. 7b), a static recovery term (Eqn. 7c), and a temperature 

dependence term (Eqn. 7d). The combination of the linear hardening and the dynamic 

recovery terms are essential for the description of the hysteresis loop shape under typical 

reversed fatigue loading. The static recovery term allows for the prediction of stress 

relaxation. Lastly, for the prediction of anisothermal responses, the temperature term is 

necessary.  

In order to show the development of this particular back stress the following brief 

history is presented. The base structure of the back stress is the kinematic hardening rule 

suggested by Armstrong and Frederick [6]. This was later expanded by incorporating the 

static-recovery term suggested by Chaboche [7]. Then the back stress was expanded by 

Chaboche et al. [8] to include superimposed back stress rules to increase the accuracy of 

model simulations. The multiaxial ratcheting term δ’ and the correspondingly modified 

dynamic recovery term were introduced by Bari and Hassan [9]. Lastly, the temperature 

dependence term was suggested by Chaboche [10]. This study addresses the modeling of 

uniaxial responses only. Furthermore, the temperature term is only necessary to simulate 

anisothermal loadings, which is not a part of this investigation. With this in mind the 

kinematic rule can be reduced to the simpler form shown in Eqn. 8 which can be shown to be 

equivalent to Eqn. 7 under uniaxial and isothermal loading. Eqn. 9 describes the 

superposition of four kinematic rules as in Eqn. 8. The equivalent back stress, as used in Eqn. 

7c is described by Eqn. 10. Note that Ci, γi, bi, ri, and    are all model parameters, γi being a 

function of both the radius of the strain memory surface, as will be discussed later, and the 

accumulated plastic strain; n  is the normal to the yield surface. 
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       12 1
, 1 :

3
rin i

i i i ii i i i i
i

C
a C p q a a n n p b J a a T a

C T
     

         
     (7) 

 

    12
,

3
rin

i ii i i i ia C p q a p b J a a        ..........................................................  (8)
 

4

1
i

i

a a


     .............................................................................................................  (9) 

  3
:

2 i iiJ a a a ..............................................................................................  (10) 

 

 To account for yield surface size change (isotropic hardening), two superimposed 

exponential hardening rules were implemented according to Eqns. 11-13. Having two 

superimposed rules increased the accuracy of cyclic hardening predictions at lower 

temperatures. 

 

1 2R R R     .......................................................................................................  (11) 

 1 1 1 1
stR b R R p      ...........................................................................................  (12) 

 2 2 2 2
stR b R R p    ............................................................................................  (13) 

   

As shown in Chapter 1, alloy 617 shows significant strain-range dependent responses. To 

account for this behavior, a strain memory surface criterion, as proposed by Chaboche et al. 

[8], has been implemented as shown in Eqn. 14. Here in  represents the current plastic strain 

tensor, Y  the kinematic center, and qsr the current radius of the strain memory surface.  The 

isotropic update rule for this criterion is shown in Eqn. 15 and the kinematic update rule in 

Eqn. 16. These equations are the same as proposed by Chaboche et al. [8] except that they 

incorporate an additional model parameter η, proposed by Nouailhas et al. [11], which allows 

one to control the proportional rate of kinematic and isotropic hardening of the strain 

memory surface. This parameter plays a large role in cases where a mean strain exists. Note 

(a) (b) (c) (d) 
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that n  and *n , as shown in Eqns. 17 and 18, are the normals to the Von-Mises and the strain 

memory surfaces respectively.  

 

     
1

22
: 0

3
in in in

srg Y Y Y q          
  ..............................................  (14) 

*:srq n n p    ................................................................................................  (15) 

  * *3
1 :

2
Y n n n p    .................................................................................  (16) 

 
3

2

s a
n

J  





 ..............................................................................................  (17) 

 
* 2

3

p

p

Y
n

J Y








  ...........................................................................................  (18) 

 The last modeling feature to be implemented is the γi hardening evolution presented 

below. As described by Krishna et al. [12], cyclic hardening or softening of materials can be 

induced by either expansion or contraction of the yield surface, and/or by shape change of the 

hysteresis curve. The modeling of yield surface size change (expansion or contraction) is 

conventionally known as isotropic hardening and achieved through Eqns. 3-4 and 11-13. 

Cyclic hardening or softening induced by hysteresis curve shape change can be achieved 

through evolving the plastic modulus Ci and/or dynamic recovery parameter γi in the 

kinematic hardening rule (Eqns. 8-9) as demonstrated by Krishna et al. [12]. In this study, 

cyclic hardening or softening will be modeled through evolving both the isotropic hardening 

parameter R using Eqns. 11-13 and kinematic hardening rule parameter γi using the rate 

equations in Eqns. 19-22. Note in Eqns. 19 that similar to the case of isotropic hardening a 

superposition of two hardening parameters was used. It was demonstrated in Chapter 2 that 

cyclic hardening or softening of alloy 617 can be strain-range dependent also. Hence, with 

this modeling scheme both cyclic hardening/softening and strain-range dependence can be 

considered. Strain range dependence is incorporated into the model by making the saturated 

values of γi, st
i  to be a function of the radius of the plastic strain memory surface (qsr) as 

shown in Eqns. 22 and 23.  
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, 1, 2,i ini i i i        ............................................................................................  (19) 

 
1,1, 1, 1,( )

i

st
i i sr iD q p       .................................................................................  (20) 

 
2,2, 2, 2,( )

i

st
i i sr iD q p      ...............................................................................  (21) 

  1,

1, 1,1,
sri

i i

c qst
i srq a b e 

  
    ...............................................................................  (22) 

  2,

2, 2,2,
sri

i i

c qst
i srq a b e 

  
    ..............................................................................  (23) 

 

3. Numerical Implementation of the Model 

3.1 Elastic Update 

The numerical implementation of the model follows the strain-driven, implicit, radial 

return scheme. One begins first with the fundamental relationship of the generalized 3D 

Hooke’s Law. Again, isotropic behavior was assumed therefore the stiffness matrix, E, can 

be defined by just two material constants, in this case, the bulk and the shear moduli. The full 

definition can be seen in Appendix Eqn. A1-2. It is also emphasized that the vectorized forms 

of the stress and strain tensors were used to reduce the number of calculations required, in 

which case care must be taken when calculating the tensorial dot product; this specificity is 

outlined in Appendix A.3. After the stiffness relation has been defined (Eqn. 24), both 1n 

and 1
e
n   are subdivided into their previous n-th component and the increment required to 

reach the n+1-th (Eqn. 25), which yields the n+1-th component as in Eqn. 26. Using additive 

strain decomposition (Eqn. 1), the elastic strain increment can be replaced by the difference 

between the total strain and plastic strain increment (Eqn. 27). However, as shown in the 

Appendix A.2. The product of the elastic stiffness tensor and the plastic strain increment can 

be simplified to just 12 in
nG    yielding Eqn. 28. 

 

1 1
e

n nE     ......................................................................................................  (24) 

 1 1
e e

n n n nE           .............................................................................  (25) 

1 1
e

n nE       .................................................................................................  (26) 

 1 1 1
in

n n nE         .................................................................................  (27) 
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1 1 12 in
n n nE G           ................................................................................  (28) 

 

With the incremental stress tensor defined, it is now necessary to verify whether the 

new stress increment exists within the yield surface or not. Thus a trial stress increment and 

trail stress is defined as depicted in Eqns. 29 and 30. If the trial stress exists within or just on 

the yield surface, that is if the yield criterion, Eqn. 31, is less than or equal to zero, the plastic 

strain increment is zero and hence the trial stress is equivalent to the actual stress increment.  

 

1 1
tr
n nE       .................................................................................................  (29) 

1 11
tr tr
n nn      .............................................................................................  (30) 

     1 1 1 1 1 1

3
: 0

2
tr tr tr
n n n n n nJ s a s a             ........................................  (31) 

However, before the yield criterion can be evaluated 1,n ia  needs to be calculated. This 

is done assuming an elastic increment. With this assumption the equation for the back stress 

update reduces to Eqn. 32. Manipulating Eqn. 32 one can see that the update of the back 

stress can be expressed explicitly as a function of Jn+1,i; Jn+1,i is defined by Eqn. 34. 

Expressing 1,n ia   in this fashion reduced the total number of equations that will be used in the 

Newton-Raphson update. Substituting Eqn. 33 into Eqn. 34 yields with some manipulation 

the zero-form for the update of Jn+1,i. Jn+1,i can then be found by using the Newton-Raphson 

update procedure outline in Section 3.2.5. 

 

  1

1, , 1, 1,
ir

n i n i n i n iia a b J a a


      .......................................................................  (32) 

,
1, 1

11 i

n i
n i r

i n

a
a

b J 





  ...............................................................................................  (33) 

1
1 1, 1,

3
:

2
ir

n n i n iJ a a
     ......................................................................................  (34) 

, ,
1, 1, 1 1

1, 1,

3
( ) :

2 1 1i i

n i n i
n i n i r r

i n i i n i

a a
J J

b J b J   
 

   
             

  .............................................  (36) 
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After updating 1,n ia  , if it is found that the current stress point is within the yield 

surface, the updated stress and strain values, 1n   and 1n  , can be defined by Eqns. 37 and 

38 respectively. Not that if it is found to be a plastic increment 1,n ia   will have to be 

recalculated. 

 

1 1
tr

n n n       ..............................................................................................  (37) 

1 1n n n       ................................................................................................  (38) 

 

 If a portion of the trial stress exists outside the yield surface, that is if the yield 

criterion is greater than zero, then it is known that n+1-th strain increment will be composed 

of both elastic and a plastic component; therefore, Eqn. 37 will be no longer valid and is 

replaced by Eqn. 39. This equation can then be converted into deviatoric space (Eqn. 40) as it 

will be needed later on. Since not all strain increments are known prior to each loading step 

Eqns. 39 and 40 are not exactly correct. An additional term is required in either case to 

account for this as shown in Eqns. 41 and 42. The derivation and definition of each of the 

additional terms are defined in Appendix A.4. 

 

1 1 1 1 12 2tr in tr in
n n n n n nG G                   ................................................  (39) 

1 1 1 1 12 2tr in tr in
n n n n n ns s s G s G               .....................................................  (40) 

1 1 1 1
2tr in

n n n n
G p y     

      .........................................................................  (41) 

1 1 1 12tr in
n n n ns s G px          ...........................................................................  (42) 

 

3.2 Plastic strain update 

3.2.1 Identification of unknowns 

 In order to find the updated stress tensor it is now necessary to find the plastic strain 

increment defined in Eqn. 5 for the current loading step. This requires that the unknown 

variables 1np  , 1na  , and 1ns   be found. Since there does not exist an easily formulated 

expression for 1ns  a more convenient term can be defined as seen in Eqn. 43. This term, 
1n

q


, 
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is referred to as the kinematic radial distance. The deviatoric stress can be further be replaced 

by Eqn. 42 yielding the more useful form of Eqn. 44. 

 

1 11 n nn
q s a 

    ................................................................................................  (43) 

1 1 1 11
2tr in

n n n nn
q s G a px   

        ................................................................  (44) 

 

3.2.2 Development of zero-form function for back stress update 

 It turns out that the vector 1,n ia  can be expressed in terms of a scalar value Jn+1,i. This 

idea was first suggested by Kullig and Wippler [13] and serves to increase the efficiency of 

the back stress update by reducing the total number of equations. To accomplish this, one 

begins with the expression for the individual back stress update as shown in Eqn. 45. Next 

Eqn. 45 is multiplied by the time increment and then the incremental inelastic strain is 

replaced by Eqn. 5 yielding Eqn. 46. With some algebraic manipulation an expression for 

1,n ia   is arrived at as seen in Eqn. 47. Note that Jn+1,i is defined in Eqn. 48 and Eqn. 49 

represents a simplifying substitution. Eqn. 47 now represents the explicit update of 1,n ia   as a 

function of the scalar value Jn+1,i; however, Jn+1,i is still unknown. To update it the Newton-

Raphson method will be used and thus the zero-form function must be developed. This is 

done by simply substituting Eqn. 47 into Eqn. 48. The zero-form function Ω for the update of 

Jn+1,i is now expressed as Eqn. 50. 
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3.2.3 Development of zero-form function for kinematic radial distance 

 Similar to Jn+1,i, in order to update 
1n

q


 the Newton-Raphson method was used. To 

develop the zero-form function for this variable one begins with the definition of 
1n

q


 as 

shown in Eqn. 44. Then combining Eqn. 44 and Eqn. 9 one arrives at Eqn. 51. Next Eqn. 5 is 

used to replace the incremental plastic strain and Eqn. 47 is used to replace 1,n ia   yielding 

Eqn. 52. With some algebraic manipulation the zero-from function F can be expressed as 

Eqn. 53. 
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3.2.4 Development of zero-form function for incremental plastic strain 

 To update p͘ its zero-form function needs to be developed, or rather the zero-form 

function for Δp since the time increment is known. Again one starts with the definition of p͘ 

as shown in Eqn. 54; note the absence of the McCauley bracket as it is known that plastic 

strain increment will be greater than zero. Manipulating Eqn. 54 it can be re-expressed as 

Eqn. 55. As the right hand side of this equation is already of function of Δp the left hand side 

must now be manipulated to be a function of Δp by itself. To accomplish this first 
1n

q


must 

be expressed as a function of Δp. This is done by rearranging Eqn. 52 such that only 
1n

q
  is 
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on the left hand side as shown in Eqn. 56. However 
1n

q


 has not been completely moved to 

the left hand side; it still exists in J(
1n

q


). To eliminate it completely one begins with the 

definition of J(
1n

q


)  and then inserts the expression for 
1n

q


 just developed to obtain Eqn. 

57. Rearranging Eqn. 57 and reinserting the expression for n+1(Δp) one arrives at Eqn. 58. 

Multiplying through by the denominator Eqn. 58 can be re-expressed as Eqn. 59. Now the 

dependence on 
1n

q


 can be eliminated by substituting the second definition of J(
1n

q


), Eqn. 

55, into Eqn. 59. Then with only a slight rearrangement of the expression the zero-form 

function can be expressed as seen in Eqn. 60. 
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3.2.5 Convergence of unknowns 

 One may have remarked that the zero-form functions for the update of 
1n

q
  and Jn+1 

are not independent of each other. That is to say that the zero-form update of 
1n

q


 is a 

function of Jn+1 and vice versa. In addition, the zero-form for both 
1n

q


 and Jn+1 are a 

function of Δp. Therefore each variable cannot be updated independently from one another. 

Thus the technique utilized by Ahmed [14] will be used for the update of each of the three 

variables. This approach uses two loops, one nested inside the other and can be visualized 

through the flow charts shown in Fig. 1. 

 

 

 

 

 

In this approach Δpn+1 is converged to inside the 
1n

q


 Jn+1,i convergence loop based on 

the initial assumptions of 
1n

q


 and Jn+1,i. With a converged value of Δpn+1 found, 
1n

q


 and 

then each Jn+1 are updated. Then the convergence of both 
1n

q


 and  Jn+1,i are checked. If all of 

the variable have converged then the routine is exited; otherwise, the updated values of 

Fig. 1: Unknown variable update routine. 
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Δpn+1, 1n
q


, and Jn+1,i are used as the initial values for each of the respective variable in the 

next iteration. 

  

3.2.6 Newton-Raphson method 

 The Newton-Rahpson method was implemented in the following fashion. First an 

initial assumption for the unknown variable is made, Eqn. 61, where   is a general unknown 

variable. Next an updated approximation of   made using Eqn. 62. This process is repeated 

until convergence is reached; that is to say when the tolerance, as defined by Eqn. 63, is less 

than a given value. In this investigation a tolerance of 1e-5 was found to be satisfactory.  

1
k
n initial    .......................................................................................................  (61) 

   1
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1 1 1 1

k k k k
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
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        ....................................................................  (62) 

1

1
1

1

k
n

k
n

tol








   ..................................................................................................  (63) 

 

Note that sometimes 1
1

k
np 
  will be less than zero during the convergence routine. 

Since Δp cannot be less than zero, if 1
1

k
np 
  was found to be less than zero during the 

convergence routine a new estimate was made as negative one tenth of the current value 

(negative so that the new estimate will be positive). This allowed for the avoidance of non-

convergence during the update of Δp. Also, as Jn+1,i should be positive, if a similar problem 

occurred, it was avoided in the same fashion. 

 

3.2.7 Update of Stress and Strain 

With Δp, 
1n

q


, and Jn+1,i  converged the updated stresses and strain can now be found. 

The new strain increment can be found in accordance with Eqn. 5. Next the new updated 

strain can be found using Eqn. 41 with the correction term modification. 
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3.2.8 Strain range dependence 

With the updated value of the inelastic strain known the strain memory surface can be 

updated. This is done similarly to the update of the inelastic strain. The two equations that 

govern the update of the strain memory surface variables qsr and Y  are Eqns. 15 and 16. So 

beginning in the same manner as the update of the previous unknown variables, the zero-

form functions for both qsr and Y  will be developed. Discretizing Eqn. 15 yields Eqn. 64. 

With a slight modification of Eqn. 64 yields the zero-form Eqn. 65. Next Eqn. 16 is 

discretized yielding Eqn. 66. Again with a slight modification the zero-from function 1nY   

can be found (Eqn. 67). 
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1 :

2n n n n nF Y Y Y n n p          ..............................................  (67) 

 

3.2.9 Newton-Raphson method for the update of strain range dependence variables 

Unlike for the update of Δp, 
1n

q


, and Jn+1,i  the multivariate form of the Newton-

Raphson method was used to update both the qsr and Y . Like for the case of the previous set 

of unknown variables the zero-form function for each variable are functions of multiple 

variables. However it was found that in this case the multivariate form of the Newton-

Raphson method provided a more stable update to the strain memory surface variables 

thereby motivating the use of the more costly update procedure. To use this update method 

first a vector of the initial values for both variables is set as seen in Eqn. 68. Then the 

updated value is found by using the product of the inverse of the Jacobian for both zero form 

functions times the combined zero-form function as shown in Eqn. 69. The combined zero-

form function as wells as the Jacobian are given in Eqns. 70 and 71 respectively. Lastly, the 

tolerance for each individual is calculated as shown in Eqn. 72.  
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3.2.10 Isotropic Cyclic Hardening or Softening 

Isotropic hardening was implemented after the update of the strain-memory surface. 

The expressions governing the update of the isotropic hardening variable R are given in 

Eqns. 11-13. As is visible in Eqns. 12 and 13 the rate form of the equation can be integrated. 

The integrated forms of Eqns. 12 and 13 are given in Eqns. 73 and 74. Note that Eqn. 11 still 

applies and the total isotropic hardening terms is the sum of each individual term. 

 

 1
1 1 1 rb pstR R e   .................................................................................  (73) 

 2
2 2 1 rb pstR R e    ................................................................................  (74) 

 

3.2.11 Kinematic Cyclic Hardening or Softening 

The update of the back stress variable γi was done last. Here, as opposed to the 

isotropic cyclic hardening update, γi was not updated using an integrated form. This was done 

as integration was not possible since st
i  is dependent on the radius of the strain memory 

surface qsr; therefore, an explicit update of γi was used. In order to update γi the saturation 

value, , must be updated. This is governed by Eqns. 22 and 23 for the first and second 

hardening rules respectively. Once the updated value of st
i  has been calculated the γi,1 and 

γi,2 can be update using the discretized forms of Eqns. 20 and 21 given by Eqns. 65 and 76. 
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Once the new value for γi,1 and γi,2 are calculated the new value for γi can be calculated in 

accordance with Eqn. 19. With the update of γi now completed the next iteration can begin. 

The processes outlined in sections 3.1 and 3.2, 3.1 for the update of an elastic increment and 

3.2 for the update of a plastic increment, can be used for each of the remaining iterations. 
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      .......................................................................  (76) 

 

3.3 Precaution when using the Newton-Raphson update 
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 .........................................................  (77) 

   1, 1, 1,1 0ir
n i i n i i n iJ p J b tJ A           ...................................................  (78) 

 

While the Newton-Raphson method is often an excellent method to find the root of a 

nonlinear equation there are certain peculiarities that must be take into account to ensure 

proper convergence. In particular, the shape of the zero-form function plays a large role in 

determining whether a root can be found given a certain initial guess. In the course of this 

Fig. 2: Original zero-form function for 
Jn+1 update. 

Fig. 3: Improved zero-form function 
for Jn+1 update. 
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research a particular example perfectly illustrates this point. Eqn. 45 shows the zero-form 

function for the update of Jn+1,i. With this form, however, convergence cannot be guaranteed 

using the Newton-Raphson method. This is illustrated clearly in Fig. 2. Equation 77 is a 

snapshot of the zero-form function. An initial guess of J1 is made yielding Ω(J1) = Ω1. 

Graphically, the updated value of J2 using the Newton-Raphson method can be found by 

tracing the tangent at Ω1 until it intersects the J-axis. This evaluates to a value of Ω2 which 

then yields J1 again as the updated predicted root. Thus it has been shown that for the 

particular starting value of J1, this zero-from function diverges by oscillation and will not 

converge under these conditions. To remedy this situation a small fix can be made, namely, 

multiplying through by the denominator of the second expression in the Eqn. 77. This yields 

Eqn. 78, which is plotted in Fig. 3. Thus it can be seen that this slight modification has led to 

a major improvement in the convergence properties of the function. It is therefore cautioned 

that the functional response of the zero-form function is of critical importance in determining 

whether the Newton-Raphson scheme is a suitable convergence algorithm. And that minor 

mathematical manipulations can lead to improved convergence properties of the function.  
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4. Parameter determination 

 4.1 Optimization routine  

 As mentioned previously, a non-linear minimization routine was implemented in 

Matlab using the Matlab function fmincon at its core. This function has the benefit of 

allowing for the minimization of a nonlinear function, e.g. the constitutive model, to be 

constrained under various bounds. In the previous section the nonlinear optimization routine 

was mentioned only vaguely. It is the goal of this portion of the paper to outline how the 

Fig. 4: Flow chart for parameter optimization routine. 
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optimization routine was used and to share some useful experiences in terms of converging to 

useful set of parameters. 

Fig. 4 depicts a flow chart of the logic behind the optimization scheme. The basis for 

this framework was to develop a code that could be flexibly expanded to accommodate 

multiple experimental responses. To begin with parameters to be optimized were chosen and 

appropriate upper and lower bounds were set. Next, pertinent experimental responses were 

imported. Then the optimization function fmincon was called. 

In the optimization loop, the residual function in called first. Here for each 

experimental response the constitutive model is called to provide the simulated stress, strain 

and time responses. A stress residual is then calculated as the absolute value between the 

experimental and model response. Finally, the total residual can be calculated in a flexible 

fashion such that only the experiments for which the shape is important can be included. 

 Next, the constraint function is called. In this function inequalities can be set to 

control a wide variety of model responses. In this work the constraint function was used to 

restrict the stress at either the peak tensile or compressive strain to either a minimum or 

maximum value based on need, the initial and final relaxed stress in a fatigue-creep 

experiment to a minimum or maximum value, and finally to restrict the kinematic hardening 

parameters Ci and γi such that Ci is greater than Ci+1 and similarly for γi and γi+1. This last 

constraint was implemented to keep a more consistent variation of these parameters.  

 

4.2 Initial estimate of back stress parameters Ci and γi 

 The parameter determination process can be split into five main categories: first, the 

determination of the elastic modulus E; second, the determination of the hysteresis shape 

parameters, Ci and γi, and the initial yield surface size, σo; third, the determination of the 

cyclic hardening or softening parameters Dγi, 
st
i

 and R; fourth, the determination of the static 

recovery parameters bi and ri; and fifth, the determination of the rate dependence parameters 

K and n. For temperatures for which no stress relaxation data is available the determination 

of static recovery parameters can be neglected. For temperatures that do not show rate 

dependence the fifth category of parameter determination can be ignored. 

 For the first step, the elastic modulus was determined by first finding the linear slope 

of the monotonic curve for a representative test at a given temperature. Then, a short 



22 
 

investigation was performed in which the variation of the elastic modulus between tests and 

between cycles in a given tests was analyzed. However, no significant variation of the elastic 

modulus was seen in this investigation; therefore, the elastic modulus was taken as the elastic 

modulus found in the representative tests.  

For both rate-independent and rate-dependent modeling the next step in the parameter 

determination process is the determination of the kinematic parameters Ci and γi as well as 

the initial yield surface size σo. It is noted here that there often exists a large discrepancy 

between the monotonic and cyclic behavior in strain-controlled fatigue responses. This can 

be seen clearly in Fig. 5 which shows the monotonic, first down-going path, and first up-

going path of a fatigue test performed at 650°C. The difference between the monotonic and 

cyclic response manifests itself in two ways; first, in general, the monotonic path will have a 

greater σo in comparison to either the first down-going or first up-going cyclic paths; second, 

there does not exist one set of kinematic hardening parameters that can describe both the 

monotonic  and cyclic responses. Therefore, in this study, initial model parameters were 

determined from the first cyclic hysteresis loop and not the monotonic response in order to 

keep a greater degree of continuity between the experimental responses and the model 

predictions. 
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In order to establish a set of model parameters that best represents the material 

response, a code was developed based upon the Matlab function fmincon which utilizes 

nonlinear, gradient-based methods to minimize a prescribed residual function, in this case the 

residual between the simulated and experimental stress. However, in order for this routine to 

reach a reasonable solution initial estimates are required. These initial estimates were 

determined in two ways; first, σo was taken as half the linear region of the first down-going 

curve; second, the initial estimates for Ci and γi were made using the method outlined in Bari 

and Hassan  [15]. In the rate dependent case without static recovery a closed form solution 

can be developed such that the peak stress can be related to the model by Eqns. 79 and 80 for 

the up-going and down-going paths respectively. Here p
L  is the minimum plastic strain of 

the up-going path and p
H  the maximum plastic strain of the down-going path. σx and p

x  are 

the experimental stress and plastic strain at the point in question. Equation 31 was adapted 

from  Bari and Hassan [15]. Equation 31 is a modification of Eqn. 32 to account for the 

difference in integration limits for the down-going case. 
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 With these equations defined initial estimates can now be made. C1 is assumed to be a 

large value, usually on the order of 107 with γ1 approximately one order of magnitude lower 

such that this back stress saturates quickly. C4 is taken as the slope of the experimental curve 

at the peak stress. The values of C2 and C3 are generally chosen as intermediate values 

between C1 and C4 with γ2 and γ3 found such that either Eqn. 31 or 32 is satisfied (whichever 

applies) and γ2 is greater than γ3. Once the initial estimates are completed the nonlinear solver 

is used to optimize the material parameters. This process was followed for the temperatures 

of 25°, 650°, and 750°C which were considered as rate independent as discussed in Chapter 

2. 
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4.3 Initial estimate of rate dependence parameters K and n 

 For the temperatures of 850° and 950°C the parameter determination process 

becomes more complicated. At these temperatures it becomes necessary to include both the 

rate dependence and static recovery modeling features which allow for the simulation of a 

wider range of experimental responses. But, as will be shown, each of these features adds to 

the complexity of determining model parameters. 

 When considering only the rate dependence parameters K and n, two approaches can 

be taken for their determination. The first, based on a novel observation, will be explained 

first. To begin with, one starts with a typical hysteresis loop as shown in Fig. 6. Next the loop 

is converted into plastic strain space by removing the elastic strain component. This yields a 

hysteresis loop as shown in Fig. 7. Here is seen that, upon unloading, there is a period of time 

in which the plastic strain continues to increase despite decreasing total strain. This 

phenomenon is related to the creep experienced by the material at such a high temperature.  

 

      

   

 

 

Excluding for the moment static recovery, a closed form expression of the model can 

be developed which includes the rate dependence terms K and n. This expression is shown in 
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Eqn. 81. In this case, saturation of all of the first three back stresses is assumed; however, it 

is possible to develop an expression without this assumption. At 950°C, no clear linear 

region was found in the experimental response, thus, σo was taken to be zero. This reduces 

Eqn. 81 to Eqn. 82. The expression σv in the subsequent equations represents the overstress 

or distance from the viscoplastic-potential surface during plastic loading to the Von-Mises 

yield surface. This quantity can also be expressed by equation 83 which is derived from Eqn. 

6. 
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With equations 82 and 83 now established a good estimate of the overstress can now 

be obtained from the experimental data. First, it is noted that at point 2, where plastic strain 

reaches a maximum, the plastic strain rate is zero. This yields that the overstress at this point 

will be zero. Second, it was previously assumed that the first three back stresses had 

saturated at point 1. It will be further assumed that a negligible increase will occur in the 

fourth linear back stress during unloading. It can now be shown that the overstress simply 

reduces to the difference between the stress at point 1 and the stress at point 2 as shown in 

Eqn. 84. 
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 It is now recalled that the purpose of developing this approach is for the 

determination of the rate dependence parameters K and n. The next step in this approach it to 

find the overstress, σv, from a test performed at each experimental strain rate, in this case of 

the present work, at 0.1% s-1, 0.04% s-1 and 0.01% s-1. With the overstress determined for 

these rates only the plastic strain rate at point 1 for each strain rate test is left to be found. It is 
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cautioned that the plastic strain rate found directly from experimental data can often not be 

used directly in this regard due to noise. Thus the plastic strain rate can be approximated as 

the experimental strain rate for experiments with a relatively saturated response at point 1. 

With the overstress and corresponding plastic strain rate defined for each applicable  strain 

rate, K and n can be found using a linear regression solver, such as solver in excel, which 

tries to reduce the residual between the overstress predicted by Eqn. 83 for a given plastic 

strain rate and the one found experimentally through the process outlined above.  

 Once K and n have been found, the back stress parameters Ci and γi can be found by 

using the hysteresis loop responses for one strain rate and the aforementioned nonlinear solve 

routine. In Figs. 8 and 9 the simulations that can be achieved using this approach are shown. 

In this case the higher strain rate test, performed at 0.1% s-1 was used for the determination of 

the Ci and γi parameters. Examining the figure one can see that this method of parameter 

determination can reasonably predict the range of responses for fatigue tests performed at 

different strain rates; however improvements can be made which will be outlined later.  
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The small overprediction observed in Fig. 9 can be explained by a few facts. First, the 

precise location where the plastic strain rate changes direction is difficult to find from 

experimental data. As the plastic strain rate approaches zero the slope of the plastic strain 

versus stress curve approaches infinity. This coupled with experimental noise makes finding 

the exact inflection point of the plastic strain rate difficult to determine experimentally. This 

in turn can yield experimental predictions of the overstress that vary significantly. In 

addition, when determining the kinematic parameters Ci and γi it is assumed that for a given 

K and n there is an identical kinematic hardening behavior seen at all three rate; however, 

this is not the case. While this method of parameter determination is not precise enough for 

final model parameter determination it does give an initial estimate of K and n that can be 

used for an improved method which will be outlined subsequently. 

 

4.4 Determination of static recovery parameters bi and ri / Finalization of 1st cycle 

parameters 

 For the determination of the static recovery parameters bi and ri a fatigue-creep test is 

needed in addition to the tests needed for the determination of Ci, γi, K, and n. In total then, 

for a given strain range, four experiments are required for the determination of model 

parameters: three fatigue tests performed at three separate rates, and one fatigue-creep test. It 

is noted that it is possible to reduce this number to three tests by using only two fatigue tests; 

however, the rate response would not be as well controlled. 

 In order to demonstrate the process an example case of 950°C will be used. Here the 

four experiments chosen are as follows: three fatigue tests performed at rates of 0.1% s-1, 

0.04 s-1, and 0.01% s-1, and one fatigue-creep test performed at a rate 0.1% s-1 with a 10 

minute tensile strain hold. Each test was conducted at a strain range of 0.6% except for the 

fatigue test carried out at a strain rate of 0.01% s-1. In general, it is suggested for the same 

strain range to be used in the parameter determination process; but, it has been observed that 

at 950°C no significant variation is seen in the hysteresis loop shape above a strain range of 

0.6%. Therefore, since a fatigue test performed at the lowest strain rate was not available at a 

strain range of 0.6%, one conducted at a strain range of 1.0% was substituted in its place. 

 To begin with, an initial set of Ci and γi was determined from the highest-rate fatigue 

test treating the material as rate-independent for the time being. This gives an initial working 
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set of parameters for Ci and γi. Next, as was discussed in the previous section, K and n were 

determined using the overstress method utilizing the three fatigue experiments. Then, γi as 

well as K and n were re-optimized using the nonlinear optimization routine. In this case the 

residual was determined from only two tests, the fatigue tests performed at 0.1% s-1 and 

0.04% s-1, and not from the lower strain rate of 0.01% s-1. This was chosen due to a 

discrepancy in hysteresis loop shape between the highest two rates and the lowest rate. 

However, to counteract the lack of information about the model fit in the residual function, 

the stress at the peak compressive strain of this experiment was constrained in the constraint 

function. As a side note, it is often a trial and error process to determine whether or not to 

constrain the amplitude to a maximum or minimum value. This depends on the tendency of 

the convergence algorithm to over or under predict the response when no constraint is 

applied.  

Finally, a fatigue-creep test was added. Similar to the fatigue test performed at 0.01% 

s-1 a significant discrepancy in the hysteresis shape is seen between the fatigue and fatigue-

creep tests; in this case due to the stress overshoot during strain reversal immediately after a 

peak strain hold. For this reason the residual was only calculated for the stresses during 

relaxation which is the most pertinent information for the static recovery terms. With this 

information in place, the optimization routine was run again to find an initial set of static 

recovery parameters. This initial set was found such that bi and ri are the same for each back 

stress. Note that in addition to optimizing for the static recovery terms γi, K, and n were also 

re-optimized. This step is important as the addition of the static recovery parameters can 

drastically change the hysteresis loop shape simulation. Thus, by reducing the number of 

parameters to optimize, a greater chance of success in finding an appropriate parameter set is 

found. Lastly, the optimization routine was run a final time, this time allowing for the static 

recovery parameters to vary for each back stress. This last run yields the full set of kinematic 

and rate dependent parameters for a given temperature at the initial cycle. 

 

4.5 Determination of cyclic hardening parameters 

 When materials harden or soften two effects can be seen in the experimental 

response; first, either an increase or reduction in the yield surface is observed; second, shape 

change of hysteresis curves. For many years the shape change of hysteresis curves was 
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ignored and the cyclic hardening/softening responses of materials were only modeled 

through an increase or decrease in yield surface size. However, as discussed in Krishna and 

Hassan [12], this leads to poor predictions of the hysteresis loop shape in later cycles. To 

overcome this difficulty and improve cyclic hardening and softening simulations, the 

evolution of the kinematic hardening rule parameters γi suggested by Krishna and Hassan 

[12] was implemented in this work as presented in Section 2. 

 In terms of parameter determination, a relatively easy procedure can be followed for 

the determination of both the isotropic and kinematic hardening parameter evolutions. In the 

previous section the way in which the initial model parameters were determined was 

discussed in detail. Here model parameters were found from the first down-going and up-

going curve after the monotonic cycle for every temperature except 950°C. At 950° the first 

stable cycle after the initial rapid softening seen was used. To find the cyclic hardening 

parameters a minimum of two additional cycles are needed when one cyclic hardening rule is 

used and four additional cycles are needed when two cyclic hardening rules are used. The last 

cycle chosen should be a cycle that captures the peak cyclic hardening i.e. a cycle before late 

stage cyclic softening is observed, such as for 750° and 850°C (see Chapter 2). The 

intermediate cycles should be cycles that well represent the shape of the stress amplitude 

response.  

 Once the representative cycles have been determined for a given experimental 

response a brief investigation should be conducted on whether or not cyclic hardening takes 

the form of isotropic yield surface expansion, an increase in the plastic modulus, or, likely, a 

combination of the two. In this investigation the latter always applied. With this ascertained 

the next step in the parameter determination process is to determine, for each cycle, a new set 

of σo, γi, or a combination of the two which best reflects the material response for each cycle. 

It should be noted at this point that these parameters are found as if the current cycle were an 

initial cycle. 

Next a preliminary estimate of the accumulated plastic strain at each cycle needs to be 

found. As often one does have every hysteresis cycle recorded, a good way to accomplish 

this is to use the stress amplitude response data. The accumulated plastic strain for each cycle 

can be taken approximately as the twice hysteresis loop width. Note that the hysteresis loop 

width is a measure of the accumulated plastic strain for each half-cycle. Thus the total plastic 
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strain accumulation for one cycle would be twice the loop width. The hysteresis loop width 

can in turn be approximated by Eqn. 85.  
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 With σo, γi, and the accumulated plastic strain for each cycle now known the rates for 

the isotropic and kinematic hardening parameter evolutions as well as γi,ini and Rst can be 

determined. For the determination of Rst and its rate br, first the R at each cycle needs to be 

determined; this is simply the σo for a given cycle minus the σo of the first cycle. With R 

determined for each cycle, the closed form solution for the isotropic hardening rule shown in 

Eqn. 86 can be used to fit the experimental data. With this equation, a regression solver such 

a solver in excel can be used to reduce the residual between to the experimental and 

simulated value or R to find both Rst and br for both rules. Since after the first monotonic path 

some plastic strain will have accumulated, in order to have a yield surface size equivalent to 

σo at the start of the first down-going path it is necessary to use σo as a parameter in addition 

to Rst and br. In this case the initial state of the σo parameter will be slightly lower than that of 

the σo found experimentally from the first cycle. 
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 In a similar fashion, a generalized closed from solution can be found for γi as a 

function of accumulated plastic strain as depicted in Eqn. 87. This can then be used to 

compare the experimental variation of γi versus the current model and used a regression 

solver to find the parameter of γi,ini as wells as γst, and Dγ for both rules. Again, γi,ini will be 

slightly higher than the γi found for the first cycle as there will be a small degree of plastic 

strain accumulation during the monotonic path. 
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 Recalling that the initial values for accumulated plastic strain were only estimates, it 

is now necessary to recalculate these values using the model. Thus for each cycle of interest 

the accumulated plastic strain is found using the constitutive model with the isotropic 

hardening and cyclic kinematic hardening parameters just acquired. It is necessary to now 

use the updated values of accumulated plastic strain to re-converge to a refined set of cyclic 

hardening parameters. This process is repeated until there is a negligible variation between 

the new predicted accumulated plastic strain and its previous value. Upon completing this 

process a complete set of model parameters will have been found for a given temperature and 

strain range. 

As an aside, it is noted that a useful rule when determining rate parameters for 

exponential functions is to know the point at which one wants the function to saturate. 

Therefore, in the case of cyclic hardening previously discussed, the product of the 

accumulated plastic strain and the evolution rate should be greater than or equal to 5. It is 

important to take this into consideration when performing parameter optimization as 

parameters that do not meet this criterion will not saturate at the desired point. 

 

4.6 Determination of strain-range dependent parameters 

 Ideally the fashion by which strain-range dependent parameters would be determined 

would be by first finding the cyclic hardening parameters for each strain-range of interest. 

This requires that a full fatigue test be performed for each strain-range under consideration; 

however, in this investigation, to limit the number of tests, 8 multiple strain-range (MSR) 

tests were performed instead. This reduces the total number of tests by 16. The benefit of a 

reduced number of tests is contrasted though with a loss of information in regards to cyclic 

hardening. Taking for example Fig. 10, which shows a typical MSR response at 25°C, and 

comparing it to Fig. 11, which shows the cyclic hardening response at 25°C for the single 

strain-range of 0.6%, one can see that the hardening response at a strain-range of 0.6% in the 

MRS test has not fully saturated before the strain-range is increased to 0.8%. Similarly, a 

lack of saturation is observed at the two higher rates of 0.8% and 1.0%. This is an issue since 

when determining strain-range dependent parameters the value of interest is the saturated 

value of γi. Therefore, because γi cannot be determined directly for each strain range it must 
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be determined indirectly for strain-ranges for which no complete cyclic hardening response 

exists. 

 To begin this process, one starts with Eqns. 20 and 21 which describe the variation of 

the saturated value of the kinematic back stress parameter γi as a function of strain-range. 

Here one can see that three parameters of interest are 
i

a , 
i

b , and 
i

c  for each hardening 

rule. This function can either represent an exponentially increasing function followed by 

saturation or an exponentially decreasing function followed by saturation. In the case of 

cyclic hardening, this function will be of the exponentially decreasing nature as a smaller γi 

increases the stress at which the back stress saturates. Therefore initials limit on the 

parameters on the strain range dependent parameters can be set a follows:  
i

a  will be 

negative and approximately equal to o
i ; 

i
b  will be positive and will be equal to what o

i  

would be for the highest strain range; 
i

c  will be in the range of 100-1000 due to the values 

of plastic strain ranges found in this investigation.  

With these estimates made for 
i

a , 
i

b , and 
i

c  the optimization routine can be 

utilized. Here the residual will not be based on the fit of an individual hysteresis curve but 

rather on the stress amplitude response found in the MSR test. Taking the example case of 

25°C, noting that only one hardening rule was used at this temperature, 
i

a , 
i

b , and 
i

c  were 

optimized such that the peak stress at the 200th cycle in the MSR response was matched by 

the simulated response and so that the o
i , as predicted by Eqn. 20, remained as close as 

possible to the value found during the cyclic hardening parameter determination process for 

the strain range at 25°C. The results from this optimization can be seen by contrasting Fig. 10 

and 11. Figure 10 depicts the simulated MSR response without strain range dependence and 

Fig. 11 depicts the simulated response with strain range dependence. With strain range 

dependence implemented there is a marked improvement in the simulation of this response.  

This completes parameter determination process for this model. 
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5. Model Parameters 

 In Table 1a-e the model parameters determined in this investigation are given. They 

are split into five categories: the elastic parameters, the kinematic hardening parameters, the 

isotropic hardening parameters, the kinematic hardening evolution parameters for the strain 

range of 0.6%, and finally the strain-range dependent parameters. As will be discussed in the 

simulation portion of this work there are some downsides to implementing the strain-range 

dependent parameters. For this reason both the kinematic hardening evolution parameters 

determined at a strain range of 0.6% and the strain range dependent parameters are given. 

Note that by using Eqns. 20 and 21 the strain-range dependent parameters can be reduced 

down to approximately the values given in Table 1d. Note that no parameters have been 

determined yet for the temperature of 850°C as there was a delay in the delivery of the 

experimental data for this temperature.  
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Table 1a — Elastic Parameters 

Parameter Units 25°C 650°C 750°C 850°C 950°C 

E MPa 210,000 173,000 158,000 - 140,000 

σo MPa 150.4 100.4 122 - 0 

 

 

Table 1b — Kinematic Hardening Parameters 

Parameter Units 25°C 650°C 750°C 850°C 950°C 

C1 MPa 15,000,000 1,135,600 1,135,500 - 1,134,171 

C2 MPa 738,880 135,673 134,367 - 113,897 

C3 MPa 309,392 113,062 113,140 - 32,497 

C4 MPa 2,500 2,500 500 - 1750 

γ1 - 990,698 35,288 23,000 - 2675.2 
γ2 - 363,491 16,348 20,000 - 2407.7 

γ3 - 2,046.3 1,859.3 1,973.7 - 2166.9 

γ4 - 0 0  - 0 

b1 MPa^(1-r1) 0 0 0 - 6.041 E-03 
b2 MPa^(1-r2) 0 0 0 - 1.046 E-01 

b3 MPa^(1-r3) 0 0 0 - 3.320 E-04 

b4 MPa^(1-r4) 0 0 0 - 9.668 E-03 

r1 - 1 1 1 - 9 
r2 - 1 1 1 - 1.5 

r3 - 1 1 1 - 9 

r4 - 1 1 1 - 1.5 

 

Table 1c — Isotropic Hardening Parameters 

Rule  Parameter Units 25°C 650°C 750°C 850°C 950°C 

Hardening 
Rule 1 

Rst MPa 39.44 37.61 14.96 - - 

br - 0.8044 61.33 76.22 - - 

Hardening 
Rule 2 

Rst MPa 0 10.90 108.7 - - 

br - 1 0.2272 1.352 - - 
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Table 1d —Kinematic Hardening Parameter Evolution (Δε = 0.6%) 

Rule Parameter Units 25°C 650°C 750°C 850°C 950°C 

H
ar

de
ni

ng
 R

ul
e 

1 
γst

1 - 0 -12,800 0 - - 

γst
2 - 0 -4,875.7 0 - - 

γst
3 - -700.5 -634.4 -266.0 - - 

γst
4 - 0 0 0 - - 

Dγ1 - 1 7.496 1 - - 
Dγ2 - 1 10.07 1 - - 

Dγ3 - 8.983 18.57 127.6 - - 

Dγ4 - 0 1 1 - - 

H
ar

de
ni

ng
 R

ul
e 

2 

γst
1 - 0 -15,076 0 - - 

γst
2 - 0 -8228.9 0 - - 

γst
3 - 0 -836.1 -491.7 - - 

γst
4 - 0 0 0 - - 

Dγ1 - 1 0.2923 1 - - 
Dγ2 - 1 0.3696 1 - - 

Dγ3 - 1 0.3290 3.035 - - 

Dγ4 - 1 1 1 - - 

 

Table 1e — Strain Range Dependence Parameters 

Rule Parameter Units 25°C 650°C 750°C 850°C 950°C 

H
ar

de
ni

ng
 R

ul
e 

1 

aγ1 - 0 -12800 0 - - 
aγ2 - 0 -4,875.7 0 - - 
aγ3 - -1,200 -719 -413.6 - - 
aγ4 - 0 0 0 - - 

bγ1 - 0 0 0 - -
bγ2 - 0 0 0 - - 
bγ3 - 833.6 194 352.3 - - 
bγ4 - 1 10 0 - - 

cγ1 - 1 1 0 - - 
cγ2 - 1 1 0 - - 
cγ3 - 366.3 614 713.8 - - 
cγ4 - 1 1 0 - - 

H
ar

de
ni

ng
 R

ul
e 

2 

aγ1 - 0 -15,076 0 - - 
aγ2 - 0 -8,228.9 0 - - 
aγ3 - 0 -950 -710.6 - - 
aγ4 - 0 0 0 - - 

bγ1 - 0 0 0 - -
bγ2 - 0 0 0 - - 
bγ3 - 0 75 502.3 - - 
bγ4 - 0 0 0 - - 

cγ1 - 1 1 0 - - 
cγ2 - 1 1 0 - - 
cγ3 - 1 75 669.9 - - 
cγ4 - 1 1 0 - - 
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6. Model Simulations 

6.1 Simulations of cyclic hardening responses 

 Cyclic hardening was seen at temperatures ranging from 25°C – 850°C. However, as 

was mentioned previously, due to a delay in the delivery of data at 850°C no parameters have 

been able to be determined yet at this temperature. Therefore the following figures will show 

the simulation of the cyclic hardening response from 25°C to 750°C. 

 In Fig. 12a-e the cyclic hardening response at 25°C is depicted for a strain range of 

0.6% and a strain rate of 0.1% s-1. The first four figures compare the experimental hysteresis 

response to that of the model for cycles 1, 20, 200, and 10,000. The fifth figure compares the 

experimental stress amplitude response to that of the simulated response for the first 5800 

cycles. It should be mentioned at this temperature the fatigue life is in excess of 20,000 

cycles, the number of cycles at which the test was terminated, but in order to better present 

the hardening response only a reduced number of cycles are shown. From these five figures it 

can be seen that the cyclic hardening response can be simulated well by the model. Currently, 

the only area where a large discrepancy between the experimental and simulated response 

exists is during the first monotonic path. The reason for this being, as discussed in the 

parameter determination section, there does not exist one set of parameters that can simulate 

well both the monotonic and cyclic responses.  

 Similar to above, Fig. 13a-f shows the cyclic hardening response at 650°C at a strain 

range of 0.6% and a strain rate of 0.1% s-1. In the first five figures the simulated response of 

cycles 1, 20, 200, 1000, and 5000 are shown against the experimental response. The sixth 

figure presents the comparison of the experimental and simulated hardening stress amplitude 

response. Again the model is able to simulate well the hysteresis loops for each cycle as 

wells and the stress amplitude response. The only shortcoming in this case is a slightly worse 

prediction of the monotonic response. 

Fig. 14a-f shows the cyclic hardening response for 750°C at a strain range of 0.6% 

and a strain rate of 0.1% s-1. Figures 14a-e show the comparison between the simulated and 

experimental hysteresis loops for cycles 1, 20, 200, 1000 and 2000. Figure 14f depicts the 

simulation of the stress amplitude response.  The same conclusions are drawn as explains in 

the above to examples. Note however that the late term cyclic softening is not simulated. 



37 
 

 Fig. 15 shows the compilation of the stress amplitude responses for each of the above 

temperatures investigated. Here we can see that the model is quite capable of simulating the 

range of responses seen.  

 While the cyclic hardening response is simulated quite well at a strain range of 0.6% 

at 650°C when predicting the cyclic hardening response at higher strain ranges some 

concerns arise. Fig. 16 presents the simulated cyclic hardening responses for the strain ranges 

of 0.6%, 0.8%, and 1.0% at 650°C. Note that upon increasing the strain range to 0.8% from 

0.6% the saturated stress increases by approximately 75 MPa. That saturated stress increased 

again by approximately 65 MPa upon further increasing the strain range to 1.0%. This does 

not match with the response found in the multi-strain-response seen in Figs. 10 or 11. Here, 

while there is an increased degree of hardening observed at the higher strain ranges of 0.8% 

and 1.0%, the magnitude of the increased hardening does not seem to indicate the significant 

degree of increased hardening that was simulated. Is should be noted that no definitive 

conclusion can be made regarding this issue at this point as no fatigue tests were carried out 

to failure at the strain ranges of 0.8 and 1.0%. 
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6.2 Simulation of low temperature multi-strain-range responses 

 In this experimental program multi-strain-range tests were performed over five 

temperatures (25°C, 650°C, 750°C, 850°C, and 950°C) and two strain rates (0.1% s-1 and 

0.04% s-1) for a total of 10 tests. For this discussion it is useful to discuss the temperatures 

considered as rate-independent first, 25-750°C, followed by the rate-dependent temperature 

of 950°C. In Fig. 17a-f two sets of results are given. First, the simulated stress amplitude 

response without strain range dependence is shown in the left column for each temperature. 

Second, the simulated stress amplitude response with strain range dependence is shown on 

the right. Here all experimental responses are shown at the higher strain rate of 0.1% s-1 since 

a negligible variation in response exists between these two rates. Comparing the two 

responses it is clear that with the implementation of the strain range dependence parameters a 

marked improvement in the simulated response is seen, especially at 25°C. At the 650° and 

750°C this improvement is mostly seen at the highest strain range.  

 Overall, with the current model implementation, the higher strain ranges of 0.6%, 

0.8%, and 1.0% were able to be simulated very well; however a larger discrepancy between 

the simulated and experimental responses is seen at the lowest strain range of 0.3% at all 

temperatures. This discrepancy is most prominent at 25°C. The reason for this can be 

explained as follows: In a hardening material one usually expects for the kinematic hardening 

parameter i  to decrease with increasing strain range as a lower i  results in an increased 

saturation stress for the respective back stress rule. Contrary to this expectation, in this 

specific case it was found that at a strain range of 0.3% and for temperatures in the range of 

25-750°C the model parameters i  required to accurately simulate this strain range was 

lower than was required at the higher strain range of 0.6%. Thus, since the strain range 

dependence function can only be an increasing or decreasing function as a function of strain 

range it is not possible to simulate both a lower i  at a strain range of 0.3% and a lower i  at 

a strain range of 0.8%. Therefore to best simulate a broader range of experimental responses, 

a decreasing strain-range dependence function was used with the understanding that some 

degree of error would be seen in the prediction of the lower strain range responses. 

  

 



43 
 

 

 

0

100

200

300

400

500

0 50 100 150 200

σ
(M

P
a)

N

Experiment
Simulation

Alloy 617
T = 25°C
ε͘ = 0.1% s-1

Δε
0.3%

Δε
0.6%

Δε
0.8%

Δε
1.0%

(a)

0

100

200

300

400

500

0 50 100 150 200

σ
(M

P
a)

N

Experiment
Simulation

Alloy 617
T = 25°C
ε͘ = 0.1% s-1

Δε
0.3%

Δε
0.6%

Δε
0.8%

Δε
1.0%

(b)

0

100

200

300

400

500

0 50 100 150 200

σ
(M

P
a)

N

Experiment
Simulation

Alloy 617
T = 650°C
ε͘ = 0.1% s-1

Δε
0.3%

Δε
0.6%

Δε
0.8%

Δε
1.0%

(c)

0

100

200

300

400

500

0 50 100 150 200

σ
(M

P
a)

N

Alloy 617
T = 650°C
ε͘ = 0.1% s-1

Experiment
Simulation

Δε
0.3%

Δε
0.6%

Δε
0.8%

Δε
1.0%

(d)

0

100

200

300

400

500

0 50 100 150 200

σ
(M

P
a)

N

Experiment
Simulation

Alloy 617
T = 750°C
ε͘ = 0.1% s-1

Δε
0.3%

Δε
0.6%

Δε
0.8%

Δε
1.0%

(e)

0

100

200

300

400

500

0 50 100 150 200

σ
(M

P
a)

N

Alloy 617
T = 750°C
ε͘ = 0.1% s-1

Experiment
Simulation

Δε
0.3%

Δε
0.6%

Δε
0.8%

Δε
1.0%

(f)
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6.3 Simulation of strain-rate dependence 

 At 950°C fatigue and fatigue-creep tests were conducted at two strain rates by this 

investigation, 0.1% s-1 and 0.04% s-1. In addition to the data collected by this study, data 

garnered by the Idaho National Lab (INL) has been utilized [1-4]. The INL conducted a 

similar program on the fatigue and fatigue-creep responses of Alloy 617 at high temperatures 

[1-4]; however the tests were done using different testing parameters. Note that the same 

stock material was used by both this and the INL investigations. Incorporating the INL data 

set allows, in the case of strain-rate dependence, for the use of the additional strain rate of 

0.01% s-1. 

 As discussed in Sections 4.3 and 4.4 model parameters were determined, in part, by 

using they hysteretic responses from the first saturated cycle of three fatigue tests; on of each 

test being performed at each of the aforementioned strain-rates. The simulation of these 

responses is shown in Fig. 18. Here the two fatigue tests conducted at strain-rates of 0.1% s-1 

and 0.04% s-1 were performed at a strain range of 0.6% whereas the lower strain-rate fatigue 

test was performed at a strain range of 0.01% s-1. While one typically does not compare 

directly the material responses across separate strain ranges, and as will be discussed 

subsequently, a significant strain range response was not seen at strain range above 0.6% and 

therefore a comparison between the two strain ranges is possible. 

 Returning to Fig. 18 one can see that the current model can simulate well the material 

response at each strain-rate. In the next figure, Fig. 19, the stress amplitude response is 

shown against number of cycles for each of the three strain-rates. Note that with increasing 

strain-rate that there is an increasing degree of cyclic softening seen in the material response. 

Currently the model is not able to simulate cyclic softening as a function of strain-rate and 

hence only one kind of softening response can be simulated. At the present moment, no 

softening has been implement at 950°C, thus, the model is able to simulate quite well the 

material response at the highest strain-rate of 0.1% s-1 but only the initial response at the 

lower two strain rates. It is important to note that the experimental stress amplitude response 

for the lower strain rate can be somewhat misleading. In Fig. 19 it looks as if the model is 

significantly underpredicting the initial stress amplitude response at this strain rate; however, 

why this is not the case can be explained by examining the 2nd cycle hysteresis loop shown in 

Fig. 19. Remark that there is a significant degree of noise in the stress response for this strain 
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ranges. The controller that was recording the stress amplitude response for this experiment 

recorded the peak stress that occurred during each half-cycle. This peak stress does not 

represent the mean stress of which the model simulates. Hence, the appearance of 

underprediction in the stress amplitude response is actually a more representative prediction 

of the overall hysteresis behavior. 
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6.3 Simulation of the relaxation response 

 At 950°C, fatigue-creeps tests have been performed at two strain ranges in this study, 

0.4% and 0.6%, as well as four additional strain ranges, 0.3%, 0.8%, 1.0%, and 2.0%, when 

including the data set made available through the INL.  When fatigue-creep tests were 

performed at high temperatures, for strain controlled tests, relaxation was seen during periods 

of  peak strain hold. To simulate relaxation well both the magnitude and the rate of relaxation 

must captured. 

 In Fig. 20 the simulation of a typical fatigue test is shown at a strain range of 0.6% 

and a strain rate of 0.1% s-1. Here one can see, as shown previously, that the model simulated 

the fatigue response well. To the right of the previous figure is Fig. 21 which shows the 

simulation of the fatigue-creep response performed at the same strain range and strain rate at 

the fatigue test except with an applied one minute peak tensile strain hold. From this figure 

one can see that the model is quite capable of simulating both the magnitude of the relaxed 

stress in addition to the overall shape of the hysteresis curve. One area that the model cannot 

simulate well is what is termed the stress overshoot during strain reversal immediately after 

strain hold period [3]. This manifests itself as a peak in the hysteresis loop following the peak 

tensile strain hold. This is visible to some extent in Fig. 21 but will be more visible in later 

plots. Currently, the model is unable so simulate this stress overshoot. 

In addition to hysteresis response, it is necessary to investigation the relaxation curve 

or the rate of relaxation against time. The simulation of this response for the previously 

mentioned fatigue-creep test can be seen in Fig. 22. Here it can be seen that a relatively good 

simulation of the relaxation response can be obtained; however, the model cannot simulate 

perfectly the initial response. This is primarily due to the dependence of the hysteresis loop 

shape and the static recovery parameters bi and ri. This makes it difficult to simulate well the 

hysteresis loop shape, the strain-rate effect, and the relaxation response. Therefore, to better 

simulate the shape and hysteresis loops and the strain-rate response the simulation of the 

relaxation rate was sacrificed to a small degree. Overall the simulation of the relaxation 

response is worse during the initial period of relaxation. When the duration of the tensile 

strain hold is increased the model is more capable of predicting the relaxation response. This 

can be seen clearly in Figs. 23 and 24. 
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Fig. 22: Simulation of relaxation response for a fatigue-creep test w/ 1 min. hold 
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6.5 Simulation of 950°C strain-range response 

 The strain range response at 950°C can be seen as a piecewise function in that the 

lower strain ranges of 0.3% and 0.4% display a similar stress amplitude response whereas the 

higher strain ranges of 0.6% - 1.0% show another. This behavior can be seen by examining 

Fig. 25, which shows the MSR response at a strain rate of 0.1% s-1. Here one can see that 

upon increasing the strain range from 0.3% to 0.6% there is rapid softening to a stable 

response at 0.6%. Upon further increase in the applied strain range no significant degree of 

softening or hardening was seen during this limited set of loading cycles. For the MSR test 

performed at the higher strain rate of 0.1% s-1 one will remark that the simulation 

underpredicts the material response; this is due to both the variability of the material response 

and the fact that model parameters were determined from the mean response. The MSR 

response for the lower rate of 0.04% is shown in Fig. 26. Note here that the same piecewise 

stress amplitude behavior is seen as mentioned previously. For this test the material response 

was more in line with the mean response therefore a better prediction of the stress amplitude 

response was seen overall. Since cyclic softening was not implemented,  note that the cyclic 

softening response varies according to applied strain range, strain rate, and fatigue-creep hold 

time and can be better seen at the full fatigue life. 

  

    

 

  

0

50

100

150

200

250

0 50 100 150 200

σ
(M

p
a)

N

Experiment
Simulation

Alloy 617
T = 950°C
ε͘ = 0.1% s-1

Δε
0.3%

Δε
0.6%

Δε
0.8%

Δε
1.0%

0

50

100

150

200

250

0 50 100 150 200

σ
(M

P
a)

N

Alloy 617
T = 950°C
ε͘ = 0.1% s-1

Experiment
Simulation

Δε
0.3%

Δε
0.6%

Δε
0.8%

Δε
1.0%

Fig. 25: Simulation of fatigue 
hysteresis response at 950°C. 
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The ability of the model to simulate the lower strain range hysteresis response is 

depicted in Fig. 27. Here one can see that the model is not able to predict the stiffer response 

found at this strain range; note that parameters were determined from response conducted at a 

strain range of 0.6% and that no strain range dependence parameters were utilized at 950°C. 

However when the loading wave form is changed from fatigue to fatigue-creep the hysteresis 

response of the material changes significantly, see Fig. 28. Here the material response is 

simulated much more closely the response at a strain range of 0.6%. Remark that the model 

does not capture the stress overshoot response mentioned in section 6.3. 

 

      

 

 

 

At a strain range of 0.4% the material exhibits, albeit to a lesser degree, the same 

phenomenon just mentioned. That is under fatigue loading the material response is stiffer 

than under fatigue-creep loading during the initial cycles. In Fig. 29 the second cycle from a 

fatigue tests performed at a strain range of 0.4% and a strain rate of 0.1% s-1 is shown. In Fig. 

30 the second cycle form a fatigue-creep with the same strain range and strain rate as just 

mentioned is depicted. Comparing these two responses one can see that the model is able to 

better simulate the material response under fatigue-creep loading as opposed to fatigue 

loading at this strain range. 
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6.6 Current model deficiencies 

At a temperature of 750°C there exists a degree of strain rate dependence which can 

be seen from the three experiments plotted in Fig. 31; however, in this case the amplitude of 

the initial cycles are the same with rate dependence manifesting itself as a reduction in the 

degree of cyclic hardening. Note that the stress amplitude response for the fatigue tests 

performed at the lowest rate was digitized from data presented in Rao et al. [16]. Under these 

circumstances it is not possible, with the current state of modeling, to simulate this type of 

rate response and thus certain compromises must be made. In this specific case it was 

decided to determine parameters from the material response at a rate of 0.1% s-1 to be 

consistent with the parameters determined at other temperatures; hence, the simulated 

response at this temperature and strain range is able to match the experimental response at 

the highest strain range and not the others. 

At 950°C a similar compromise must be made with respect to a different modeling 

variable. As discussed in Chapter 2, a large degree of variation was seen in the material 

response under identical loading conditions (i.e. tests having the same strain-range, strain-
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rate, and tensile-strain hold time). Moreover, it was found that, for a given strain-rate and 

strain-range, when a tensile-strain hold was applied increased cyclic softening was observed. 

Currently, however, the model cannot predict differing degrees of cyclic softening based on 

the presence or absence of an applied strain-hold.   

 

 

 

 

7. Conclusions 

 An advanced unified viscoplastic constitutive model developed at North Carolina 

State University was presented for the use in NGNP design, specifically the design of the 

intermediate heat exchanger. The numerical implementation based on the radial return 

method was described in detail. A novel parameter determination process for the 

determination of both rate-independent and rate-dependent parameter was given. This 

process has the benefit of allowing for materially based initial parameters for the rate-

dependent parameters K and n seen in the flow rule. Lastly, a wide variety of simulations 

were shown for a broad set of fatigue and fatigue-creep responses of alloy 617 for 

temperature ranging from 25°C to 950°C. These simulations demonstrate that the current 

constitutive model is capable of simulating well a multitude of rate-dependent low cycle 

fatigue and fatigue-creep responses at high temperatures. 
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8.  Recommendations 

 8.1 Cyclic softening as a function of fatigue-creep hold-time 

 At 950°C the cyclic softening response was seen to be a complex function of loading 

waveform, fatigue or fatigue-creep, as well as strain range. The current UCM cannot predict 

differing degrees of cyclic softening as a function of the loading waveform. Since the cyclic 

softening behavior is a critical response it is recommended that this behavior be investigated 

further and the UCM be further modified to predict these responses. 

 

8.2 Material strength as a function of fatigue-creep hold-time 

 As discussed in Chapter 2, at strain ranges of 0.3% and 0.4% the strength of alloy 617 

is shown to vary significantly as a function of loading wave form. Currently the UCM is not 

able to simulate both the fatigue and fatigue-creep response reasonably at these strain ranges. 

It is therefore recommended that this response be studied further.   

 

8.3 Stress overshoot response 

 The addition of a strain hold, either tensile or compressive, was shown to induce a 

stress overshoot upon reversal loading immediately after a peak strain hold [5] As can be 

seen in Chapter 2, at the lower strain range of 0.3% this response greatly affects the 

hysteresis response. As such it is recommended that this phenomenon be studied further so 

that the UCM can be modified to simulate this response. 

 

8.4 Rapid initial softening / improved monotonic predictions 

 In general, the monotonic material response will have a significantly different yield 

strength and plastic modulus in comparison to the cyclic response.  Furthermore, as was 

shown at 950°C, alloy 617 shows initial rapid cyclic softening after the monotonic response. 

Since both of the above behaviors are significantly different from the cyclic responses at 

other temperatures it is not possible for the current UCM to simulate both initial monotonic 

response and the cyclic responses at temperatures with reasonable accuracy. Thus it is 

recommended that the initial monotonic response and the rapid cyclic softening response at 

950oC be further investigated in modifying the UCM towards safe and economic design of 

the Intermediate Heat Exchanger of the Next Generation Nuclear Power Plants. 
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Appendix 

A.1 – Definition of Stiffness Matrix 

 The constitutive model code was developed based upon the use of the vectorized 

forms of the stress and strain tensors. Thus the generalized Hooke’s Law is expressed as 

shown in Eqn. A1-1. Isotropic behavior was assumed yielding a stiffness matrix that can be 

expressed in terms of the bulk and shear moduli as shown in Eqn. A1-2. 
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A.2 – Simplification of pE to 2 pG  

 Starting with Eqns. A1-1 and A1-2, one can see by inspection that the torsional 

strains are already proportional to 2G and that they are independent from the normal strains 
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thus they can be excluded from this derivation. Eliminating the torsional strain and 

expanding Eqn. A1-1 yields three linear equations, Eqns. A2-1a-c. Next two assumptions 

must be made: First, that there is no volume change due to plastic strain and second, that 

strains are sufficiently small. These two assumptions yield Eqn. A2-2. Rearranging equation 

A2-1 yields equation A2-3. Rearranging equation A2-2 yields equation A2-4. Combining 

equations A2-3 and A2-4 yields A2-5. Finally, simplifying equations A2-5 yields Eqn. A2-6. 

This process can be repeated in a similar fashion for equations A2-1b and A2-1c resulting in 

the diagonal of the stiffness matrix being composed solely by 2G or what is identical, 2Gεp, 

validating the initial proposition. 
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A.3 – Evaluation of tensor dot product 

 In the course of the derivation one will often find the dot product expressed such as is 

shown in Eqn. A3-1. However, in reality this expression is based upon the tensor dot product 

depicted in Eqn. A3-2 and not the vector dot product. When evaluated, the tensor dot product 

can be expressed in terms of its components as shown in Eqn. A3-3. Therefore, when 

calculating the expression A3-1 it should be determined from Eqn. A3-3. 
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A.4 – Correction Terms 

 The radial return method is a strain driven approach and as such all total strain 

increments must be defined in order to find the updated stress and plastic strain increments; 

however, in many loading cases not all of the strain components are known. Therefore, in 

order to use the radial return method a set of correction terms must be defined such that the 

total strain increment is known for each loading step [17]. This process will be outlined 

subsequently. 

 First one starts with the assumption that the total strain is fully elastic for all strain 

components and as such follows the three dimensional Hooke’s law as shown in Eqn. A4-1. 

Note that this initially assumed strain increment will be termed the trial strain increment as is 

defined by Eqn. A4-2; also, the n+1 subscript will be implied henceforth. Remark that the 

known uniaxial strain increment does not have a trail superscript as it is already known. With 

the previous two equations defined it is now possible to solve for the as of yet unknown trial 

strain increments. To begin this process last five equations defined by Eqn. A4-1 are written 

out explicitly in Eqns. A4-3 – A4-7. Next Eqn. A4-3 and A4-4 are solved for Δε22
tr and Δε33

tr 

respectively yielding Eqns. A4-8 and A4-9. Note that in the uniaxial case all of the stress 

increments not in the uniaxial direction are zero. Therefore, in addition to eliminating Δσ11 

and Δσ22 from Eqns. A4-3 and A4-4, it is known that the torsional trial strain increment will 

be equal to zero ad defined by Eqns. A4-10,11,12. Lastly Δε22
tr and Δε33

tr can be found by 

solving the simultaneous systems of equations Eqns. A4-8 and A4-9 which leads to Eqn. A4-

13. 
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Now a trial set of total strain increments have been developed such that all strain 

increments are known. This set of total strain increments is only valid however for elastic 

increments. Therefore it is now necessary to derive a set of correction terms such that the 

previously derived strain increments can be used during plastic loading. 

Again one begins with the 3-D Hooke’s Law as shown in Eqn. A4-14. The n+1 will 

also henceforth be implied. The trial stain increment previously developed will be 

incorporated as shown in Eqn. A4-15. With some rearranging Eqn. A4-15 can be rewritten at 

Eqn. A4-16. Next the terms such as Δε22- Δε22
tr need to be evaluated. This is accomplished 

by developing a set of equations similar to that of A4-3 through A4-7 except now in 

accordance with A4-14. This yields Eqns. A4-17 through A4-21.  These equations can then 

be found in terms of total strain as shown in Eqns. A4-22 through A4-26; note that like 

before all of the stress increments are zero except σ11. The difference between the each 

unknown total strain increment and the trial stress can now be found, for example, as the 

difference between A4-22 and A4-8. Taking all five differences yields Eqns. A4-27 through 
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A4-31. At this point all of the torsional differences are defined as solely a function of the 

plastic strain increment. However equations A4-27 and A4-28 are still not sole functions of 

the plastic strain. To accomplish this two simplifying constants are define by Eqns. A4-32 

and A4-44. After this, from Eqns. A4-27 and A4-28, the differences between Δε22- Δε22
tr and 

Δε33- Δε33
tr can be found to be equal to Eqns. A4-34 and A4-35. Now that all the differences 

found in A4-16 have been defined as a function of the inelastic strain they can be substituted 

back into Eqn. A4-16 yielding Eqn. A-36. Note that some of the constants used in this 

expression are defined in subsequent expressions. As is will be required, Eqn. A-36 can be 

converted into deviatoric space yielding A-37. The definition of the elastic strain, Eqn. 5, can 

be inserted into Eqns. A-36 and A-37 which after some manipulation yield Eqns. A-44 and 

A-45 which are the same equations 33 and 34. Finally note that x and y are defined by Eqns. 

A-46 and A-47. 
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ABSTRACT 
The study is developing a unified constitutive model for 

Alloy 617 which is the prime candidate material considered for 
intermediate heat exchanger (IHX) of next generation nuclear 
power plant. Alloy 617 can experience long term exposure to 
elevated temperatures as high as 950ºC, however, the ASME 
design code (Subsection NH) does not include design provisions 
for this temperature range. In addition, the Draft Alloy 617 Code 
Case specifies that the inelastic design analysis for temperatures 
above 649ºC must be based on unified constitutive model. 
Therefore, this study focuses on developing a unified 
constitutive model to simulate high temperature uniaxial and 
multiaxial creep-fatigue and creep-ratcheting responses of Alloy 
617. As multiaxial response simulation is a key factor for design-
by-analysis of IHX, a set of biaxial tests with varying degrees of 
loading non-proportionality has been performed at different 
steady temperatures within 25ºC-950ºC, and with different strain 
rates and strain ranges. From the tests, it has been observed that 
temperature, strain rate, strain ranges and non-proportionality of 
loading path greatly influences the creep-fatigue and creep-
ratcheting responses of Alloy 617. Thus, development of a 
unified constitutive model considering dependence of these 
parameters is required. The current Chaboche viscoplasticity 
model with static recovery term can simulate uniaxial responses 
very well but it overpredicts biaxial ratcheting responses. Hence, 
a modified Chaboche model has been developed to improve 
biaxial ratcheting simulations. Multiaxial modeling features of 
non-proportionality and ratcheting are investigated. These 
modeling features and improved response simulations are 
presented in the paper. 

 
Keywords: NGNP, Alloy 617, Fatigue, Multiaxial Ratcheting, 
Non-proportional Loading. 
 
NOMENCLATURE 

A Non-proportionality parameter 

C  Internal state variable of dislocation structure 

Ci,  γi Kinematic hardening parameter 

Dγi 
Kinematic hardening evolution rate 
parameter 

E Young’s modulus 
H Heaviside function 
I Identity tensor 
N Number of loading cycles 
ai Decomposed deviator of back stress 

ia , ib , ic  Kinematic hardening evolution parameter 

a, b Model parameter for multiaxial ratcheting 

bi 
Kinematic hardening static recovery 
parameter 

cc  Cross hardening stabilization rate 

g Strain memory surface 

ik  Scaling of i in non-proportional loading 

K, n Rate dependent parameter 

m, η, ξ 
Strain memory surface radius evolution 
parameter 

n Normal to viscoplastic potential surface 
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n* Normal to strain memory surface 
p Cumulative inelastic strain 
q Radius of strain memory surface 

ri 
Kinematic hardening static recovery 
parameter 

s Deviatoric stress tensor 
t Time 
tr Trace of tensor 
Y Center of strain memory surface 
α Back stress 
   Multiaxial ratcheting parameter 
εx Axial strain 
εxp Maximum axial strain in a cycle 
εc Strain amplitude 
Δ Strain range 
 Strain tensor 
e Elastic strain tensor 
in Inelastic strain tensor 

AS
i  Kinematic hardening evolution parameter 

γxy Shear strain 
ν  Poisson’s ratio

 

σ  Stress tensor
 

σo Yield stress
 

σx Axial stress 
σxm Steady axial stress 
σmean Mean axial stress 
σmax Stress amplitude 
τxy Shear stress 
τmean Mean shear stress 
τmax Shear stress amplitude 

(·) Differentiation with respect to time 

 
INTRODUCTION 

The Next Generation Nuclear Plant (NGNP), a part of 
Department of Energy (DOE)’s Generation IV nuclear program, 
will use nuclear energy for the production of process heat, 
hydrogen and electricity. High Temperature Gas-cooled Reactor 
(HTGR) design concept has been selected for the NGNP by US 
Department of Energy [1]. One of the major components of this 
reactor is Intermediate Heat Exchanger (IHX) that will transfer 
heat to secondary system for the generation of electricity or 
hydrogen and operate at temperature as high as 950ºC. The 
component will be subjected to very high temperature thermo-
mechanical loading which may induce low cycle fatigue, creep-
fatigue and creep-ratcheting responses under uniaxial or 
multiaxial stress state. To sustain such extreme loading 
condition, Alloy 617 is considered as the prime candidate 
material for construction of very high temperature reactor 
(VHTR) IHX due to its superior mechanical property at high 
temperatures. 

According to ASME B&PV code, section III, subsection 
NH, design of high temperature components need to be 
evaluated through full inelastic analysis when design provisions 
cannot be satisfied using simplified methods. In addition, draft 

Alloy 617 code case recommends that unified viscoplastic 
inelastic analysis be performed when time-independent plasticity 
and time-dependent creep deformation cannot be separated [2]. 
Simplified design methods cannot be used above 649ºC for this 
material. Therefore, design of IHX requires a clear 
understanding of creep-fatigue-ratcheting responses of Alloy 
617 towards the development of unified viscoplastic model. The 
IHX design concepts determined by the unified constitutive 
model will be considered as ‘gold standard’ in assessing 
adequacy of any simplified methods [1]. In addition, the 
isochronous stress strain curve will be generated up to 500,000 
hours using the unified constitutive model to support sixty year 
design life of the reactor [1]. The rate dependent material model 
will enhance simulations of structural behavior and failure mode 
of IHX components. 

Many researchers have studied unified constitutive model 
for Alloy 617 in the last decades for better understanding of 
VHTR design concepts. Corum and Blass [2], Sham and Walker 
[3], Hassan and co-workers [4-6] are noteworthy on this issue. 
Bari and Hassan [7, 8] worked on rate independent cyclic 
plasticity model based on Chaboche framework [9-11] which 
was gradually improved by new modeling features with rate and 
temperature dependent terms by Krishna and Hassan [12] and 
Ahmed and Hassan [5]. However, multiaxial fatigue and 
ratcheting simulations by these models are still not satisfactory. 
Chaboche viscoplastic model with static recovery term can 
simulate uniaxial fatigue responses very well but it overpredicts 
biaxial ratcheting responses. Modified Chaboche model 
developed by Bari and Hassan [8] is capable of simulating room 
temperature biaxial ratcheting responses and therefore their 
modeling feature is used in this study for developing a rate and 
temperature dependent unified constitutive model. Furthermore, 
non-proportional cross hardening parameters of Tanaka [13] are 
incorporated. Such a unified constitutive model with extensive 
modeling features is not currently available in any commercial 
Finite Element (FE) software like ANSYS, ABAQUS etc. for 
inelastic design by analysis of high temperature components. 
This paper presents such an experimentally validated unified 
viscoplastic model focusing on multiaxial fatigue-ratcheting 
simulations.  
 
DESCRIPTION OF EXPERIMENTAL STUDY 

For better understanding of fatigue-ratcheting failure 
responses of Alloy 617, a broad set of isothermal uniaxial and 
multiaxial creep-fatigue and creep-ratcheting tests were 
conducted by Quayyum et al [4] and Pritchard et al. [6]. 
Responses from these studies are used for experimental 
validation of the unified constitutive model and hence briefly 
summarized. The isothermal tests were performed for the 
temperature range 25ºC-950ºC for both uniaxial and multiaxial 
cases. At high temperatures, Alloy 617 behaves like a 
viscoplastic solid and therefore to get the viscoplastic material 
responses, various strain rate, strain range, strain hold and stress 
hold condition were applied [4, 6].  

Under multiaxial loading, three different hybrid strain and 
stress controlled loading paths named as MR1, MR2 and MOP 
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as shown in Fig. 1 were considered at different strain rates and 
strain ranges to understand the effect of loading histories and 
loading rates on fatigue-ratcheting responses.  

 
(a)  MR1                 (b) MR2                   (c) MOP 

 

The uniaxial and multiaxial test results of Alloy 617 [4, 6] 
revealed that temperature, strain rate, strain ranges and non-
proportionality of loading path influenced the creep-fatigue and 
creep-ratcheting responses [4, 6]. It has been found that there 
exists significant cyclic hardening at or below 750ºC, a minor 
cyclic hardening at 850ºC followed by softening and continuous 
cyclic softening at 950ºC. Rate dependence behavior was found 
insignificant below 750ºC and prominent above 850ºC. At higher 
strain ranges, more cyclic hardening and softening, and 
eventually shorter fatigue life was observed at all temperature 
ranges investigated. Fatigue life was found lower at 950ºC than 
at 850ºC regardless of strain rates and strain ranges. In addition 
hysteresis loop width i.e. plastic strain amplitude was found 
larger at 950ºC than at 850ºC. In presence of mean axial stress, 
considerable amount of axial strain ratcheting was observed and 
loading history showed significant influence on the ratcheting 
rate and stress amplitude, especially at higher temperature 
(850ºC -950ºC). In addition ratcheting rate was found higher at 
higher temperatures and strain ranges, and lower strain rates. The 
fatigue life was always found less in bow-tie type loading (MR2 
in Fig. 1b) than the constant tension biaxial loading (MR1 in Fig. 
1a). When the loading changed from proportional to non-
proportional in the MOP path (I to II in Fig. 1c), a stress jump 
was observed due to the cross hardening effect [4]. All these 
experimental observations manifest the necessity of 
incorporating temperature, strain rate, strain range, and non-
proportionality parameters in the development of unified 
constitutive model. 
 
VISCOPLASTIC CONSTITUTIVE MODEL 

The Chaboche type modified viscoplastic model [5, 6, 8, 9, 
12] has been used in this study to simulate the rate and 
temperature dependent cyclic responses of Alloy 617.  The rate 
independent Chaboche model and modified Chaboche model has 
been presented in [8, 9, 12] which has been extended to account 
for rate dependence according to [5, 6, 9]. In addition, various 
features such as strain range dependence, static recovery, loading 
path and non-proportionality measure of Tanaka [9, 10, 11, 13] 
have been added in the macroscopic plasticity model. The strain 
tensor in the framework of this plasticity model follows the 

additive decomposition of elastic ( )eε , viscoplastic ( )inε  as 

follows.  

e in ε ε ε                                          (1) 

The elastic strain follows the generalized Hooke’s law. 

 1e tr
E E

 
 ε σ σ I                                          (2) 

Where E , ,σ  and I  indicate Young’s modulus, Poisson’s 

ratio, stress tensor and second rank unity tensor respectively. The 
inelastic strain rate is given by Eq. (3). 

 
3

2
in p

J





s a

ε
σ α

                                             (3) 

Where s and a are the deviators of stress tensor (σ ) and 
back stress tensor (α ) respectively. p  is the accumulated 

inelastic strain rate as described by the Norton’s power law of 

secondary creep in Eq. (4) and K , n  are rate parameters. The 
constant n  is called the material’s strain rate sensitivity. 

 J σ α  is the second invariant of overstress and defined in 

Eq. (5). Yield surface is represented by Von-Mises yield criteria. 

  n

oJ
p

K

 


σ α
                                     (4)                           

     3
:

2
J    σ α s a s a                              (5)         

Four different Armstrong-Frederick type rules [8-10, 14] 
have been superposed to obtain the increment in non-linear 
kinematic hardening as shown in Eq. (6). The mechanism of 
material hardening at different length scales is the fundamental 
basis of this decomposition of four different hardening rules [15]. 
The role of each decomposed rule has been described in [7]. The 
current Chaboche model kinematic hardening rule is expressed 
in Eq.(7), which consists of linear hardening term (1st term), 
nonlinear hardening term (2nd term) and static recovery term (3rd 

term). iC  and i  in Eq. (7) are the kinematic hardening 

parameters that are associated with temperature and accumulated 
plastic strain respectively. The static recovery term 

  1ir

i i ib J


a a  is to simulate creep and stress relaxation at 

strain hold condition, where ib  and ir  are the static recovery 

parameters and  iJ a is the invariant of deviatoric back stress 

ia .  

FIG. 1  Multiaxial Loading Histories 
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4

1
i

i

 a a                                                (6) 

  12

3
irin

i i i i i i iC p b J   a ε a a a                        (7) 

As discussed in Bari and Hassan [7, 8], Chaboche kinematic 
hardening rules [8-10, 14] can simulate uniaxial responses very 
well, but it overpredicts biaxial ratcheting responses. Therefore, 
Bari and Hassan [8] proposed an improved kinematic hardening 
rule by introducing a new multiaxial ratcheting parameter    
that coupled Burlet-Cailletaud rule [16, 17] and Armstrong-
Frederick rule [14] to obtain the multiaxial ratcheting responses. 
This modified Chaboche model with static recovery term is 

expressed in Eq. (8). Here  { : }i pa n n  is the radial 

evanescence term and n  is the plastic strain direction of yield 
surface as expressed in Eq. (9). Bari and Hassan [8] 
demonstrated for room temperature experiment that a constant 
   can be used for simulating a broad set of ratcheting 
responses. In this study, it was observed that a constant 
parameter was unable to simulate both MR1 and MR2 ratcheting 
responses at different strain rates as discussed later.  However, 
   as a function of p  as shown in Eq.(10) was able to perform 

better job at this task. Here, a and b in Eq.(10) are the model 
parameters.  

   

  1

2
1 :

3
i

in
i i i i i

r

i i i

C p

b J

  



    



a ε a a n n

a a

  
     (8) 

 
3

2 J






s a
n

σ α
                  (9) 

a bp                                                                   (10) 

Hysteresis loops as well as cyclic stress evolution are 
dependent on strain ranges [9-11]. Amount and rate of cyclic 
hardening varies with strain amplitude and thereby material 
parameter evolves with the strain ranges. To account the strain 
range dependence, strain memory surface [12, 18] as shown in 
Eq. (11) has been included in the model that memorizes prior 
largest plastic strain range. Radius and center of strain memory 
surface are q and Y as shown in Eqs. (12) and (13). ξ, m and η 
are the material constants whose values are recommended by 
[18, 19]. n* in Eq. (14) is the normal to strain memory surface. 
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: 0

3
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ε Y

n
ε Y

                                         (14)              

Kinematic hardening parameter i is strain range and 

accumulated plastic strain dependent parameters and they evolve 

according to evolution Eqs. (15)-(18) for i=1~3. 4 influences 

ratcheting rate and does not influence the cyclic loop shape and 
thereby this parameter is kept constant as prescribed by [20]. 

Here i


and 
0
i are the maximum value for 90 degree-out-of-

phase and axial strain controlled responses respectively for the 

current plastic strain surface size q, and ik is the ratio of i


and 
0
i . ia , ib , ic and iD are the  evolution parameters. 

  AS

i i i iD q p           (15)

     0 0( ) ( )AS
i i i iq A q q q         (16)

 0 ic q

i i iq a b e 
         (17) 

   0 ( )i i iq k q        (18) 

 
          As discussed in Tanaka [13], an internal state variable of 

fourth rank tensor C and non-proportionality parameter A  has 

been introduced in the model in terms of Eqs. (16), (19)-(20) to 
capture the cross hardening, proportional and non-proportional 
loading cycles and multiaxial ratcheting responses. Here, n  is 

the normalized inelastic strain rate vector and cc is the material 

constant that gives cross hardening stabilization rate. 

 cdC c n n C p                                            (19) 

 
 

T T

T

tr C C nC Cn
A

tr C C


                                    (20) 

The constitutive model, presented above, is capable to 
simulate a wide range of material responses as demonstrated in 
the following section. 
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SIMULATIONS AND DISCUSSIONS 
The unified constitutive model discussed in the last section 

has been numerically implemented in MATLAB following 
implicit radial return scheme [21]. The model parameters were 
determined using hybridized genetic algorithm using uniaxial 
and multiaxial strain-controlled tests for 850ºC and 950ºC as 
listed in Table 1. Elastic and rate independent kinematic 
hardening parameters in Table 1 were determined using uniaxial 
strain-controlled hysteresis loop. The rate dependent parameters 
were determined by using a gradient based optimization routine 
where an additional strain controlled hysteresis loop obtained 
with a different strain rate was used with the previously 
determined kinematic hardening parameters. Strain range 
dependent parameters were determined using multiple uniaxial 
hysteresis loops of different strain ranges. Isothermal strain 
controlled experiments with strain hold were used to obtain the 
static recovery parameters. The reader is referred to [22] for 
detail on the above parameter                . 

TABLE 1   
Material Parameters 

Parameters T=850ºC T=950ºC 

Elastic Parameter E (MPa) 157100 140000
σ (MPa) 103.6 0

Kinematic 
Hardening 
Parameter 

C1 (MPa) 1088366 134552001
C2  (MPa) 432543 134552001
C3  (MPa) 46938 36142
C4  (MPa) 13957 2000

γ1 628277 12273715
γ2 19111 12271807
γ3 1386 4476
γ4 466 220

Rate Dependent 
Parameter

K 450-500 650
n 2.379 2.379

Strain Range 
Dependent 
Parameter 

aγ1 493050 12273715
aγ2 16452 12271807
aγ3 1321 8768

bγ1, bγ2, bγ3 0 0
cγ1, cγ2, cγ3 0 0

Dγ1 20.04 0
Dγ2 19.61 0
Dγ3 19.37 0.25

kγ1, kγ2, kγ3 0.45 0.25
η 0.2 0.2
ξ 0 0
m 1.5 1.5

Static Recovery 
Parameter 

b1 - 0.00002
b2 - 0
b3 - 0.08354
b4 - 5.911e-6
r1 - 1
r2 - 1
r3 - 1
r4 - 4.75

Non-
proportionality 

Parameter 
cc 50 150 

 

determination based on uniaxial strain-controlled responses. For 
multiaxial responses, non-proportional material constant, cc was 
determined by optimizing the simulated responses against the 
experimental responses (axial stress amplitude in Fig. 2a) of 
MOP loading path (Fig. 1c). MOP experimental and simulation 
responses of axial stress amplitude for proportional loading (first 
100 cycles) and non-proportional loading (100 to 200 cycles) are 
shown in Fig. 2a. The axial-shear stress simulation and 
experimental responses during 101 and 199th cycle are shown in 
Fig. 2b. In Fig. 2, the simulations are found to be quite 
reasonable. 

 
 

 
 
 
 
 

Multiaxial ratcheting parameters were determined first 
using MR1 responses. A constantof modified Chaboche 
model was calibrated against the experimental ratcheting 
responses in Fig. 3e and determined to be 0.029. The simulation 
responses are plotted and compared to experimental responses in 
Figs. 3a-e, where simulations were found quite reasonable. 

(a) 

(b) 

FIG. 2 Experimental and Simulation Responses for MOP. (a) 
Axial Stress Amplitude and Mean with Cycle, (b) Equivalent 
Shear Stress VS. Axial Stress Response from MOP Loading. 
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FIG. 3  (a) Cyclic Shear Stress-Strain Response for MR1 (b) Amplitude and Mean Shear Stress Response with 
Cycle for MR1 (c) Accumulated Axial Strain with Cycle for MR1-Experimental, (d) Accumulated Axial Strain with 
Cycle for MR1-Simulation, (e) Ratcheting Response for MR1, (f) Ratcheting Response for MR2 

(a) (b) 

(c) (d) 

(e) (f) 
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The same   was then used to simulate the MR2 experimental 
responses and very good multiaxial ratcheting rate simulation 
was obtained as shown in Fig. 3f. However, when the same 
was used for simulating a different MR1 ratcheting rate, 
overprediction is obtained as shown in Fig. 4(a). At this stage a 
new '  function as shown in Eq. (10) was developed. This new 
function provided reasonably good simulations for several 
ratcheting rate responses as shown in Fig. 4b with parameters a 
and b in Eq. (10) as 0.0369 and -20.60 respectively.  It is evident 
in Fig. 4b that the model prediction of rate dependent biaxial 
ratcheting rates conforms to the experimental responses very 
well which confirms the robustness of the developed          . 

 
 

 

FIG. 4  Ratcheting Responses (a) Experimental and Simulation 

where ' constant   and (b) Experimental and Simulation 

where ' ( )f p    

constitutive model. However, evolution of this multiaxial 
ratcheting function '  needs further investigation. 

  
CONCLUSION 

This paper discusses the experimentally validated unified 
viscoplastic constitutive model for uniaxial and multiaxial 
fatigue and ratcheting simulation of Alloy 617 at high 
temperature. Main points are briefly summarized below. 
a. Fatigue and ratcheting responses of Alloy 617 is influenced 

by temperature, strain rate, strain range, and degree of 
loading non-proportionality as experimentally observed. 
The observation manifests the necessity of incorporating 
these features in the development of unified constitutive 
model.  

b. The modified Chaboche model has been used for the 
purpose of developing unified viscoplastic model with state-
of-the-art modeling features to simulate biaxial ratcheting as 
well as rate dependent fatigue responses. A constant value 
of '  cannot simulate multiaxial ratcheting rates from a 
broad set of experiments. However, plastic strain rate 
dependent function proposed for '  simulated the 
multiaxial ratcheting rates from different loading path 
experiments quite well.  

c. Overall, the simulation results are in close agreement with 
experimental observations. The cyclic responses under both 
the proportional and non-proportional loading histories and 
rate dependent biaxial ratcheting responses are simulated 
well by the developed unified viscoplastic model. Evolution 
of multiaxial ratcheting parameter is still under investigation 
for all strain rates, ranges and temperatures. The 
performance of the unified constitutive model in simulating 
a wide range of experimental responses ensures the 
robustness of the model. 
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